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ON S0z

Umut ince

Norm Fasteners Ar-Ge Direktorii

Norm Holding olarak siirdiriilebilir gelecek vizyonumuz dogrultusunda; kiiresel teknolojik egilimleri yakindan takip ede-
rek, dijitallesme, ileri malzeme teknolojileri ve yenilikci iriin gelistirme alanlarinda Ar-Ge ve inovasyon yatinmlarimiza
stratejik bir bakis acisiyla yon vermekteyiz. Bu yaklasimimizla, sektdrimizdeki doniisiime dnciiliik etmeyi ve gelecegin
rekabetci dinamiklerine ydn veren bir yapi olusturmayr hedefliyoruz. Degerli is ortaklarimizla birlikte, uzun vadeli ve
siirdiiriilebilir deger yaratma misyonumuzu kararlilikla siirdirmekteyiz.

Giiclii akademik altyapiya sahip uzman Ar-Ge kadromuz ve stratejik is birliklerimiz sayesinde; miisteri beklentilerini
asan, yiiksek katma degerli ve yenilikci coziimler gelistirmenin yani sira, dijital mihendislik, veri odakl iriin gelistirme
ve siirdirilebilir tasarim alanlarinda ulusal ve uluslararasi 8lcekte dncii calismalar gerceklestirmekteyiz. Tiim faaliyet-
lerimizde; teknik mikemmeliyet, sistematik yaklasim ve siirekli gelisim anlayisiyla hareket ederek, teknolojik ilerlemeye
katki sa§lamayi ve sektoriimiizde kalici deger iretmeyi kurumsal bir sorumluluk olarak gériiyoruz.

2025 yili icerisinde hayata gecirdigimiz calismalarin ciktilarini sizlerle paylasmaktan biyiik bir memnuniyet ve gurur
duyuyoruz. Bu kitapcik araciligiyla, ortak hedeflerimiz dogrultusunda yiiriittigimiiz Ar-Ge faaliyetlerinin somut kaza-
nimlarini siz degerli is ortaklarimizin bilgisine sunarken; inovasyon, siirdirilebilirlik ve teknoloji odaginda gelecege
birlikte yon verme kararliligimizi bir kez daha vurguluyoruz.

FOREWORD

Umut ince

Norm Fasteners R&D Director

At Norm Holding, in line with our vision for a sustainable future, we closely monitor global technological trends and
strategically direct our R&D and innovation investments towards digitalization, advanced material technologies, and
innovative product development. Through this approach, we aim to lead the transformation of our industry and shape
the competitive dynamics of the future. Together with our valued business partners, we remain firmly committed to our
mission of creating long-term and sustainable value.

Leveraging our expert R&D team with strong academic foundations and our strategic collaborations, we not only develop
high value-added and innovative solutions that exceed customer expectations, but also carry out pioneering work at both
national and international levels in areas such as digital engineering, data-driven product development, and sustainable
design. Across all our activities, we act with a focus on technical excellence, a systematic approach, and continuous
improvement, and we consider contributing to technological advancement and delivering lasting value to our industry as
a fundamental corporate responsibility.

We are proud and pleased to share the outcomes of our work carried out in 2025. Through this booklet, we present the
tangible achievements of our R&D activities aligned with our common objectives, while reaffirming our commitment to
shaping the future together with our esteemed business partners, with a strong focus on innovation, sustainability, and
technology.
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Cold forging is a key manufacturing process in fastener production, utilizing multi-stage die systems to plastically de-
form materials under high compressive stresses. In cold forming operations such as extrusion, reduction, and head
forming, WC-Co materials are widely employed in die applications, selected based on the specific requirements of the
process. These die materials used in cold forming must exhibit high wear resistance and fatigue strength due to the
substantial forming forces that generate significant stresses within the dies. Boriding, a surface treatment method, is
applied to enhance these mechanical properties. This study investigates the effects of pack-boriding treatment on the
fatigue life and wear properties of WC-Co material containing 19% Co, which are used as die inserts in cold forging die
systems. Three sets of samples were pack-borided using EKABOR-2 boron powder at 1000°C, 950°C, and 900°C for 4
hours under each temperature condition to accomplish this process. Following the pack-boriding process, pin-on-plate
wear tests were conducted under both non-lubricated and lubricated conditions to evaluate the wear performance of
the samples. Three-point bending fatigue tests were performed to assess the fatigue behavior of the borided samples.
After the fatigue test, Goodman-Haigh diagrams were obtained from the experimental results to be utilized in predictive
die-ife calculations. X-ray diffraction (XRD) analysis confirmed the formation of CoB, Co,B, WB, and W,CoB, phases in
the borided layer. Results indicate that increasing boriding temperature significantly improves wear resistance and sur-
face hardness, with the highest microhardness (4104 HV.1) and the lowest wear track width (183 ym non-lubricated,
70.76 ym lubricated) measured at 1000°C. However, the thick and brittle boride layer induced stress concentrations,
negatively affecting the material's fatigue performance. According to the Goodman-Haigh diagrams, the highest fatigue
life after boriding was measured as 5,000,000 cycles at 950°C, while the lowest was 135,356 cycles at 450 MPa after
boriding at 1000°C. Although the increased hardness of the WB, phase at 1000°C enhanced wear resistance, the forma-
tion of a brittle boride layer led to stress concentrations, facilitating crack initiation and reducing die life. This indicates
that while higher boriding temperatures improve surface hardness, they also increase brittleness, negatively impacting
the material's fatigue performance.

Keyword: Pack Boriding, Fatigue life, Wear, WC-Co, Cold forming
1. Introduction

Cemented carbide materials belong to a class of composite materials produced through powder metallurgy, consisting
of hard metal, refractory, and binder metal phases. Due to their exceptional hardness, wear, and corrosion resistance,
these materials are widely utilized in the metal forming industry, particularly in cold forming applications [1]. WC-Co-
based materials are metal-matrix ceramic composites composed of a WC hard phase, which provides hardness and wear
resistance, and a Co binder phase, which enhances toughness and strength [2]. These materials are classified based on
their grain sizes according to the IS0 4499-2:2020 standard, ensuring that they acquire mechanical properties suitable
for specific applications [3].

Cold forming is a manufacturing process in which metals are plastically deformed below their recrystallization tem-
perature. The dies used in this process are critical engineering components that define the geometric precision of the

final product. These dies typically consist of a fixed die and a movable punch, where the workpiece is subjected to high
compressive forces to achieve its final shape. During cold forming, the primary failure mechanisms in dies include (i)
plastic deformation, (i) wear, and (iii) fatigue, all of which are caused by high mechanical loads and intense friction
conditions [4, 5]. Excessive wear and fatigue damage significantly reduce die life, decreasing production efficiency and
increasing process costs. The selection of suitable WC-Co materials for various cold forming processes plays a critical
role in enhancing die performance and extending service life. In high-friction processes such as extrusion and reduction
processes, fine-grained WC particles or low Co binder content materials are preferred to enhance wear resistancel5,
6]. Conversely, in process that require high compressive strength, such as upsetting process, larger WC grain sizes and
higher Co binder content (>15%) are used to increase toughness and improve resistance to fatigue and fracture [6,7,8].
However, repeated exposure to high friction and loading accelerates microcrack formation, leading to early material fa-
ilure. Enhancing the surface hardness, wear resistance, and mechanical stability of WC-Co cemented carbides requires
the implementation of advanced surface engineering techniques. In particular, thermochemical diffusion treatments,
especially boriding, have proven effective in improving the tribological performance of WC-Co materials. The formation
of hard boride phases through boriding can significantly improve wear mechanisms, extending service life under extre-
me forming conditions. Boriding is a thermochemical surface hardening process that enhances mechanical properties
by inducing the diffusion of boron atoms into the material surface at elevated temperatures [9, 10]. This process is
performed at controlled temperatures ranging between 840°C and 1050°C for a specified duration, typically between
one and ten hours [9,11]. The small atomic radius and high mobility of boron enable its diffusion into the material surfa-
ce, where it reacts with substrate atoms to form a hard boride layer [10]. Furthermore, this process creates a diffusion
zone with distinct microstructural characteristics, improving wear resistance, surface hardness, and fatigue strength,
ultimately extending the service life of the material in demanding applications. The effects of boriding on WC-Co-based
materials have been extensively investigated in the literature, with studies focusing on different material compositions,
processing parameters, and mechanical performance outcomes. Regarding boriding methods and process parameters,
Guobiao et al. examined YG11 (WC-11 wt.% Co) cemented carbides subjected to solid-state boriding at 950°C for 5
hours, analyzing the influence of boriding agent components. Their findings indicated that KBF, and BC react at high
temperatures, facilitating boron diffusion into the Co phase, leading to a 30% increase in wear resistance [11]. Similarly,
Kdksal et al. applied boriding to IS0 P25 WC-Co cutting inserts using a molten salt bath at 900, 1000, and 1100°C for 1,
2,and 4 hours, reporting the formation of WBs, CoB, W,CoB,, and WCoB phases with barided layer thicknesses ranging
from 7 to 15 pm. Interms of microstructural and mechanical property modifications [12], Dearnley et al. deposited CrB,,
Mo,Bs, and WB coatings on WC-Co cutting tools via unbalanced magnetron sputtering and found that CrB, exhibited the
highest hardness (~2764 HV), while WB coatings provided superior adhesion and structural integrity [13]. Concerning
hardness and wear resistance improvements, Usta et al. investigated the borided of pure tungsten, reporting a compact
boride layer formation with a surface hardness of 2500 HV and a substrate hardness of 445 HV [14]. Herrera et al.
studied WC-Co-based hardmetal inserts borided at 900°C for 4 hours, noting an increase in hardness from 1492 HV to
2000 HV and a boride layer thickness of approximately 28 ym [15]. Regarding potential drawbacks of boriding, Aydog-
mus observed that while boriding improved wear resistance in WC-Co drill bits, it reduced impact strength [16]. Oruc
reported that IS0 P25 WC-Co cutting tools borided at 1000°C for 2 hours exhibited a maximum microhardness of 3600
HVo. ata depth of 5-8 pm, whereas at 1100°C, WC particles degraded, leading to structuralinstability [17]. Coureaux et
al. investigated M12, M23, and H14 cemented carbides borided at 1000°C for 4 hours and found that cobalt content and
grain size significantly influenced the boride layer thickness and microstructure [18].

Literature reviews indicate that boriding has primarily been applied to WC-Co materials in cutting tools [12, 13,14, 18
] and tool inserts [11, 17]. However, despite its widespread use in steels and other alloyed materials, the application
of boriding in cold forming dies remains underexplored and limited in industrial practice. Die life has always been a
crucial research area in the cold forming industry, as these tools are subjected to extreme operating conditions and
exhibit complex damage mechanisms. Considering the severe operating conditions of cold forming dies and the complex
failure mechanisms associated with cemented carbides, developing innovative strategies to enhance die longevity is of
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paramount importance. In this context, this study aims to investigate the effects of boriding as a surface engineering
technique on WC-Co cemented carbide die inserts used in cold forming dies. Specifically, it evaluates the feasibility
of boriding in WC-Co-based cold forming dies and examines its influence on mechanical and tribological properties.
This study systematically investigates the influence of pack-boriding on the mechanical and tribological performance
of WC-Co cemented carbides containing 19% Co, commonly utilized in cold forging dies. Specimens were subjected to
boriding at 900°C, 950°C, and 1000°C for 4 hours to evaluate the effects of temperature on wear resistance, surface
hardness, and fatigue behavior. The experimental evaluation involved pin-on-plate wear tests under both lubricated
and non-lubricated conditions to assess tribological behavior, as well as three-point bending fatigue tests to examine
the material's resistance to cyclic loading. Additionally, scanning electron microscopy (SEM) was employed to analyze
fracture surfaces, revealing that higher boriding temperatures led to stress concentrations and crack initiation. X-ray
diffraction (XRD) confirmed the formation of boride phases, which contributed to increased hardness but also influenced
mechanical stability.

2. Experimental Procedure
2.1Preperation of Samples

The GB40 material with 19% Co content was comparatively examined in this study in terms of wear resistance and fati-
gue life. The reference materials were provided by Boehlerit GmbH & Co.KG. The chemical composition and mechanical
properties of the GB40 sample are presented in Table 1 [19]. For the experimental studies, the samples were prepared
in accordance with the IS0 3337:2009 TYPE B standard, with dimensions in the 20x6.5x5.25 mm [20]. Al test samples
were sintered using WC powder and a Co binder with the aid of special dies, and subsequently subjected to HIP (Hot
Isostatic Pressing) to prepare the test specimens without any additional machining.

Table 1. Chemical and Mechanical Properties of GBA40 Material [19].

Grade Chemical C ition [wt. %] .| Transverse . Thermal
L . Compressive Fracture Elastic .
Density Hardness Strenath Rupture Toughness | Modulus Expansion
WC Co Other [g/cm3] | HV 30 [MPa] [MPg] Strength [Mﬂm“] (6Pl Coefficient
[MPa] [104/K]
GB40 Balanced 19 <0.2 13.60 950 4000 2800 224 530 6

The surface roughness of the samples was improved prior to the boriding process to minimize frictional effects that can
reduce die life in cold forming processes. After receiving the samples, the surface preparation procedures were initiated
to achieve conditions similar to those of forming dies. The surfaces of the test specimens were ground and polished
using a Metkon Forcipol 102 grinding and polishing machine in combination with a Metkon Forcimat 102 automatic head.
For the grinding process, Akasel Piatto 220+ diamond grinding discs were employed under a load of 40 N, at a rotational
speed of 500 rpm, for 5 minutes. This step was followed by polishing with Akasel Allegran 3 fine diamond polishing discs
under the same conditions for 8 minutes. Water was used exclusively during grinding, while polishing was performed
with a 6-micron diamond suspension. Following the boriding process, the samples were subjected to polishing treat-
ments to simulate the typical operational conditions encountered by the dies. Subsequently, surface roughness measu-
rements were performed for each boriding temperature condition using a Mitutoyo SJ 210 portable surface roughness
tester. The surface roughness values were determined as the average of five measurements, expressed in terms of the
Ra parameter indicating the surface roughness levels of the samples.

2.2 Boriding Process

The pack boriding process was carried out at temperatures of 900°C, 950°C, and 1000°C for a duration of 4 hours using
alumina crucibles. Ekabor 2% was utilized as the boron source, and its chemical composition is presented in Table 2.

Before placing the samples into the alumina crucibles, a layer of Ekabor 2% powder with a height of 20 mm was added at
the battom of the crucibles. The samples were then positioned inside the crucibles, after which Ekabor 2€ powder was
added again, completely covering the samples on all sides. Finally, as shown in Figure 1(a), a layer of "Ekrit (Deoxidizer)"
powder was applied to the upper surfaces of the samples, and the alumina ceramic crucibles were sealed with their lids.
The Ekrit powder used consists of pure iron and oxide-absorbing compounds. During the boriding process, this powder
prevents the formation of oxides, ensuring a cleaner and more homogeneous boron coating on the material surface.
Additionally, it limits the contact of oxygen with the material surface, thereby enhancing the efficiency of the boriding
process and preventing the accumulation of undesirable oxides on the surface. The samples were subsequently placed
in a PROTHERM heat treatment furnace, as shown in Figure 1(b), located in the Heat Treatment Laboratory of Dokuz
Eyliil University's Metallurgical and Materials Engineering Department. The boriding process was carried out at different
temperatures for 4 hours in the furnace, where the samples were placed as part of the experimental procedure.

Table 2. Chemical composition of Boron source powder.

Bor Powder Source Chemical Composition

Ekabor 20 B,C-SiC-KBF,

(a) b)

Fig.1. (a) The position of the samples in the alumina-ceramic crucible after the addition of Ekrit powder, (b) The
positioning of the samples inside the furnace.

2.3 Wear Tests

The wear behavior of GB40 materials after boriding was investigated using the test setup shown in Figure 2. The wear
tests were conducted at the Tribology Laboratory of Dokuz Eyliil University using a pin-on-plate wear testing apparatus.
The tests were performed according to ASTM G99-17, "Test Method for Wear Testing with a Pin-on-Disk Apparatus”
standard [21]. The tests were carried out under a 10 N load with a 10 mm stroke. WC-Co balls were used as the abra-
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sive counter material to simulate the wear interaction between the test samples and the opposing material. In order to
simulate reel production conditions, the tests were conducted in both lubricated and non-lubricated environments. In
the lubricated environment, industrial boron oil, which is typically used during production, was applied as the lubricant.

Fig.2. Wear Test Setup.

2.4 Fatigue Tests

Fatigue life tests were carried out on prismatic test samples using a three-point bending test apparatus adapted to Zwick
Roell Amsler 250 FP 5100 high-frequency fatigue testing machine Test samples and fatigue testing stage are illustrated
in Fig. 3a and Fig. 3b, respectively. Stress amplitudes in fatigue tests were determined as 400 MPa, and 450MPa in order
to observe the fatigue behavior in a wide range of loading conditions. Stress ratios (R) were determined using minimum
stress omin(MPa) and maximum stress max (MPa) values in a cycle as given in Eq. 1. Mean stresses om (MPa) and
stress amplitudes ca (MPa) were sequentially calculated by the formulas in Eq. 2 and Eq. 3 as given below.

R = Omin
Omax 1 )

_ Omax t Omin

_ Omax ~ Omin 3)

Maximum and minimum loads in fatigue tests were calculated for corresponding maximum and minimum stress values
based on stress ratios of R=0.1 and R=0.2 by using Eq. 4 which is given in IS0 3327:2009 as;

_ 3KkFI
bm = 5ph2 4)

where Rbm is transverse rupture strength in MPa, F is the force applied to the test piece in N, k is the correction fa-
ctor to compensate for the chamfer, Lis the distance between supports (mm), b is the width of test piece perpendicular
to its height (mm), and h is the height of test piece parallel to the direction of application of the test force (mm), respe-
ctively. kvalue was taken as 1, as described in the standard for test samples having chamfer of 0,15 to 0,2 mm [20].

Fig.3. (a) Dimensions of prismatic samples used in the testing stage and (b) testing fixtures used in fatigue
tests and sample positioning.

After the boriding heat treatment, the samples were subjected to three-point bending fatigue tests. The static and dy-
namic forces, along with the maximum, minimum, and average stress values, are presented in Table 3. A fatigue limit of
5,000,000 cycles was accepted for the fatigue tests. The average fatigue performance for each set was determined by
taking the mean of the three consistent test results. Based on the experimental data, Goodman-Haigh diagrams were
generated to predict the die life for each boriding condition.

Table 3. Fatigue test parameters and corresponding static and dynamic loads.

. Stress Amplitude, | Min. Stress, Omin Max. Stress, Mean Stress, . .
Stress Ratio [R] a [MPal [MPal e [MPa] om [MPal Static Load [kN] Dynamic Load [kN]
01 400 88,8 888,8 488,8 -292 2,39
0.1 450 99,9 999.9 5499 -3,28 2,68

2.5 Characterization of Boride Layers

The microstructure of samples subjected to boriding is investigated by cutting the sample through the center and me-
asuring the boride layer thickness. The sample is then mounted in bakelite, and its surface is prepared for grinding by
polishing it for 2 minutes with Akasel Piatto 220+ diamond grinding paper. For the GB40 material, the etching solution is
prepared by mixing 10 mL of hydrochloric acid and 10 ml of hydrogen peroxide (30%). The etching process is performed
by immersion for 2 minutes. Following the boriding process, the morphology of the boride layer was examined using
optical microscope analysis with a Nikon ECLIPSE ME 600 optical microscope located in the Metallography Labora-
tory of the Department of Metallurgical and Materials Engineering at Dokuz Eylil University, Faculty of Engineering. The
etching process is performed by immersion for 2 minutes. After the boriding processes of the samples, XRD analyses
were conducted to investigate the effects of boriding and the phases of the boride layers formed on the surface of the
samples. XRD analyses of the samples were carried out using a Rigaku brand X-ray diffractometer (XRD) at Dokuz Eyliil
University. Measurements were taken between 2 angles of 15°and 90° with a wavelength of A =1.79021 A Hardness
measurements of the boride layer were performed on cross-sections of the samples obtained after the boriding process.
These measurements were conducted using a Vickers hardness tester to determine the hardness variation from the
surface to the core. The measurements were carried out under conditions requiring high precision, with a load of HV ,,
and the hardness profile of the boride layer, progressing from the surface to the inner regions, was analyzed in detail.
After the completion of the fatigue tests, the fracture surfaces of the samples were carefully analyzed. This analysis was
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conducted to reveal in detail the changes induced in the microstructure of the samples by the boriding heat treatment.
The examination was performed using a Quanta-FEG 250 model scanning electron microscope (SEM) with advanced
imaging capabilities, available at the Central Laboratory of {zmir Institute of Technology. Through this microscope, the
morphological and microstructural characteristics of the fracture surfaces were observed at high resolution, and the
structural effects of the boriding process were thoroughly investigated.

3.Results
3.1 Characterization of Boride Layers

The boriding process was carried out at temperatures of 900, 950, and 1000°C for 4 hours. Following the boriding pro-
cess, the morphology of the boride layer was examined using optical microscope analysis, and the thickness of the
boride layer was measured at five different points. The boride layer thickness of the sample borided at 900°C is shown in
Figure 4. Based on this analysis, the average boride layer thickness of the sample borided at 900°C was measured to be
62 pum. The boride layer thickness of the sample processed at 950°C is shown in Figure 5, with the thickness measured
at 148 pm. According to the results of the process conducted at 1000°C, the boride layer thickness is shown in Figure
6, where the thickness was measured to be 155 pm. The analysis indicates that the boride layer thickness of the WC-Co
samples increased with rising temperature.

Fig.4. The results of the boriding process at 900°C.

DE B ST

Fig.5. The results of the boriding process at 950°C.

Fig.6. The results of the boriding process at 1000°C.

The growth of the boride layer follows a diffusion-controlled mechanism, which can be modeled using Einstein’s diffusi-
on equation. In this study, the kinetics of boride layer growth were analyzed using diffusion equations and the Arrhenius
relationship. Based on the given temperatures and boride layer thicknesses, the boride layer growth rate constant (K)
was calculated, and the activation energy (Q) along with the pre-exponential factor (Ko) were determined. These fin-
dings align with previous studies, which indicate that boride layer growth in borided materials is primarily governed by
temperature-dependent diffusion mechanisms [22].

x?2 =Kt 5)

where x is the boride layer thickness (pm), K is the temperature-dependent growth rate constant (ym?/s), and t s the
boriding time (s). The temperature dependence of K follows the Arrhenius equation:

K = Koexp ( }?T> 6)

The layer growth rate constant (K), expressed in m?/s, represents the rate at which the boride layer forms during the
boriding process. The pre-exponential factor (Ko), also in m?/s, is a material-specific parameter accounting for the
frequency of successful diffusion events. The activation energy (Q), in J/mal, denotes the minimum energy required
for the diffusion process. The universal gas constant (R), with a value of 8.314 J/(malK), is used in the Arrhenius equ-
ation to relate the growth rate to temperature. Finally, the absolute temperature (T), in Kelvin (K), plays a critical role
in determining the kinetics of boride layer formation, as higher temperatures accelerate diffusion and enhance layer
growth. The calculated K values and temperatures were used to determine In(K) and 1/T values, which are presented in
Table 4. A clear linear relationship was observed in the Arrhenius plot (n(K) vs. 1/T, shown in Figure 7, which yielded an
activation energy of 496.5 kJ/mol for the boriding process. The equation of the best-fit line, determined using the least
squares method, is:

In (K) = —59706.T~1 + 10.47 7)
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The high coefficient of determination (R? = 0.98) confirms the strong linearity and reliability of the Arrhenius fit to the
experimental data. In Equation (7), the slope of the linear regression line (-59706) corresponds to the term -Q/R in the
linearized form of the Arrhenius equation as given in Equation (6). This value suggests that boride layer formation in WC-
Co cemented carbide follows a diffusion-controlled mechanism, where increasing temperature significantly enhances
boron diffusion and, consequently, boride layer thickness. The experimental results show that as the boriding tempe-
rature increases, the diffusion rate also rises, resulting in a progressive increase in the thickness of the boride layer.
Among the tested conditions, the highest diffusion rate and the most substantial boride layer formation were observed at
1000°C, confirming the direct correlation between temperature, diffusion kinetics, and boride layer growth.

Table &. Diffusion Kinetics Parameters for Borided WC-Co Specimens.

The increase in boriding temperature caused distinct phase transformations and structural modifications in the X-ray
diffraction (XRD) patterns. In the spectrum of the untreated sample, sharp and intense peaks corresponding to WC and
Co phases are abserved. However, as the boriding temperature increases, a significant reduction in the intensity of these
peaks occurs. This phenomenon is attributed to the diffusion of boron atoms into the Co matrix, leading to the formation
of new boride phases (W,CoB,, CoB, WB5, and Co,B) and the partial dissolution of the WC phase. The boriding process
conducted at 1000°C resulted in the highest boride phase content, indicating an accelerated boron diffusion kinetics
at elevated temperatures. Regarding peak broadening, boride phases formed at lower temperatures (900°C) exhibi-
ted relatively narrow peaks. However, as the temperature increased, peak broadening and shifts were observed due to
variations in crystal size and internal stresses. High temperatures accelerate atomic diffusion processes, increasing
micro-stresses and consequently leading to broader diffraction peaks. Additionally, the more intense formation of WB,
and CozB phases at 1000°C suggests that higher temperatures significantly enhance the boriding kinetics. While lower
temperatures (900°C and 950°C) resulted in relatively lower amounts of boride phases, the formation of a more stable
and well-developed boride layer at 1000°C was evident.

Temperature (°C) Temperature (K) UT(KY) K (m?/s) In(K) Borldln(gp:;ckness
900 173 8.52x10* 2.67x107 -36.06 62
950 1223 8.18x10* 1.52x10" -34.03 148
1000 1273 7.85x10 1.67x101 -33.93 155

-31 ; T T T
-32 4
.33
950°C i
344 = [
< 1000°C
£
-35 4 |
In(K)= —59706T 1 + 10.47
.36 4 R>=0.98 .
900°C i
374
-38
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Fig.7. Arrhenius Plot: Temperature dependence of the boride layer growth rate constant (In(K) vs. 1/T)
3.1.1XRD

The XRD patterns presented in Figure 8 clearly reveal the characteristic peaks of the WC and Co phases in the untreated
sample. Following the boriding process, the formation of W,CoBj, CoB, and Co,B phases was observed at 900°C, while
the increase in temperature to 950°C and 1000°C resulted in the pronounced emergence of the WB, Phase [23]. Notably,
the formation of the WB, phase at 1000°C exhibits a strong correlation between the observed diffraction peaks and the
reference data from the database, confirming its presence with high accuracy. These findings demonstrate that the
boriding temperature directly influences the phase composition of the sample [23, 24]. The boriding process facilitates
the formation of CoB and WCoB phases through chemical reactions between Co and B atoms, significantly enhancing the
material's hardness and wear resistance. Increasing the temperature facilitates the formation of the WB, phase, furt-
her improving the material's mechanical properties, particularly its hardness and toughness [24]. The rise in boriding
temperature induces noticeable phase transformations and structural changes in the X-ray diffraction (XRD) patterns.
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Fig. 8. XRD analyses after the boriding process.

The hardness measurements taken at 10 pm intervals from the surface to the core in the boridedsamples, revealed that
the highest hardness value, 4104 HV,, was recorded at the borided region at 1000°C, while the lowest hardness value
of 3064 HV, was abserved in the sample borided at 900°C as shown in Figure 9. As measurements progressed from the
surface to the core, these values began to decrease as the boride layer thinned. Compared to the untreatment sample,
the hardness value achieved through boriding increased approximately 3.93 times at the surface. The microhardness
values, ranging from 3000 to 4500 HV, ,, are typically associated with the formation of multi-phase boride compounds
on the surface of borided materials [25].
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Fig. 9. Hardness values measured from the surface of the samples.
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3.2 Wear Test Results

Pin-on-plate wear tests were performed after the 4-hour boriding process to evaluate the wear behavior of the borided
samples, revealing significant differences in wear performance between non-lubricated and lubricated conditions. For
the untreated GB40 sample, wear track measurements were conducted using an optical microscope at 20X magnificati-
on. Under non-lubricated conditions, the wear track width was measured as 468,86 ym (Figure 10(a)), whereas in lub-
ricated conditions, it was notably reduced to 316.12 ym (Figure 10(b)). Wear tests under non-lubricated and lubricated
conditions were conducted on borided samples processed at different temperatures for 4 h. At 900°C, the wear track
width under non-Lubricated conditions was measured as 234.31 pm (Figure 11(a)), while lubricated conditions reduced
this width significantly to 171.67 ym (Figure 11(b)). For samples borided at 950°C, the wear track width decreased mar-
kedly to 228.20pm under non-Lubricated conditions (Figure 12(a)) and 118.07 pm under lubricated conditions (Figure
12(b)). At 1000°C, the wear track widths were further reduced, measuring 183.03 ym under non-lubricated conditions
(Figure 13(a)) and 70.76 ym in ubricated conditions (Figure 13(b)). These results demonstrate a clear improvement in
wear resistance with increasing boriding temperature, particularly under lubricated conditions. The wear track widths
were measured to be narrower under lubricated conditions than under non-lubricated conditions. The primary reason
for this result is that lubricated conditions reduce frictional resistance during wear. This improvement can be attributed
to the reduction in friction forces and the protective role of the lubricant film. Lubrication significantly reduces wear
and material loss by minimizing direct contact between surfaces. It has been observed that the lubricated environment
provides a robust protective barrier, reducing the wear rate of the boride layer and extending the material's service life.

e

Fig.11. Wear track widths measured on the surface on the surface of the sample borided at 900 °C for 4hour
sample (a) non-lubricant (b) lubricated.

Fig.12. Wear track widths measured on the surface on the surface of the sample borided at 950 °C for 4hour
sample (a) non-lubricant (b) lubricated.

Fig.13. Wear track widths measured on the surface on the surface of the sample borided at 1000 °C for 4hour
sample (a) non-lubricant (b) lubricated.

The data in the table were obtained by averaging five measurements and rounded to the nearest whole number. The bar
chart in Figure 14 illustrates the comparative test results of wear tests conducted under non-lubricated and lubrica-
ted conditions. It shows the wear track widths of the untreated sample and the samples treated at 900°C, 950°C, and
1000°C, respectively. These data enable the analysis of the effects of different heat treatment temperatures and envi-
ronmental conditions on the wear behavior of the samples. The figure 15 shows the variation of the coefficient of friction
(um) as a function of sliding time for borided WC-Co samples processed at different temperatures (900°C, 950°C, and
1000°C) under both non-lubricated and lubricated conditions. The results indicate that friction behavior is significantly
influenced by both boriding temperature and lubrication. Under non-lubricated conditions, the highest friction coeffi-
cient is observed in the 900°C borided.

sample, reaching approximately 0.28 p, followed by the 950°C sample in, which stabilizes around 0.17 p. In contrast, the
1000°C borided sample exhibits the lowest friction coefficient under non-lubricated conditions, remaining below 0.10
u. This trend suggests that increasing the boriding temperature enhances the formation of wear-resistant boride phases
(CoB, Co,B, WB,), reducing adhesion and improving sliding performance. Lubricated conditions significantly reduce the
friction coefficient for all samples compared to their non-lubricated counterparts. The 1000°C borided sample demons-
trates the lowest friction coefficient under Lubrication, maintaining values below 0.05 p throughout the test. The 950°C
and 900°C lubricated samples also show considerable reductions in friction, but their values remain slightly higher
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than that of the 1000°C sample. This suggests that higher boriding temperatures promote the formation of a denser and
smoother boride layer, which enhances lubrication efficiency and reduces surface wear.
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Fig.14. Bar chart of the comparative test results of wear tests conducted under non-lubricated and
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Fig.15. Effect of boriding temperature and lubrication conditions on the coefficient of
friction of borided WC-Co samples.

3.3 Surface Roughness Results

The results obtained from the friction test are presented in Figure 16 below. These data were measured before the wear
test. It was observed that there was a significant increase in surface roughness with increasing boriding temperature.
This increase is attributed to the structural properties of the boride layer formed during the boriding process. At higher
temperatures, the diffusion of boron atoms into the material surface occurs more intensely, leading to the formation of
a thicker and harder boride layer. This layer induces microstructural changes on the surface, resulting in an increase in
roughness. According to this graph, the Ra values of the samples are as follows: the Ra value of the untreated sample
0.015 pm; the Ra values of the samples with boriding processes are 0.059 pm at 900°C, 0.114 pm at 950°C, and 0.146
pm at 1000°C.
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Fig. 16. Comparison of surface roughness values at different temperatures resulting from the boriding process.
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Fig.17. Surface Roughness Evaluation of Borided WC-Co: Non-lubricated vs. Lubricated Conditions at
Different Temperatures a) 900°C-non lubricated, b) 900°C lubricated, ¢) 950°C non-Lubricated,
d) 950°C lubricated, e) 1000°C non-lubricated, f) 1000°C lubricated.

According to profilometer measurements, the surface morphology and wear mechanisms of the borided WC-Co samples
exhibited significant differences depending on the applied temperature and lubrication conditions. Borided samples at
900°C exhibited the most irregular wear patterns compared to other temperatures, as shown in Figure 17(a). Under
lubricated test conditions, as depicted in Figure 17(b), the surface was significantly rougher, with pronounced irregular
wear tracks forming under mechanical loads. The peak-to-valley difference at 900°C under non-lubricated conditions
was recorded as 5.088 pm, indicating that the boride layer formed at lower boriding temperatures resulted in non-u-
niform wear. Although lubrication at 900°C reduced the peak-to-valley difference to 4.412 pm, the mechanical per-
formance of these samples remained inferior compared to those borided at higher temperatures. The wear resistance
exhibited a notable improvement upon reaching 950°C. Under non-Lubricated test conditions, as shown in Figure 17(c),
the peak-to-valley difference was measured at 1.865 pm, with noticeable surface roughness and deformation. However,
when lubrication was applied, the peak-to-valley difference significantly decreased to 1.038 ym, demonstrating that



22 | NORM FASTENERS AR-GE MERKEZI YAYINLARI | 2025

NORM FASTENERS R&D CENTER PUBLICATIONS | 2025 | 23

ubrication effectively reduced friction and contributed to a more controlled wear process, as seen in Figure 17(d). Bo-
rided samples at 1000°C exhibited the smoothest surfaces and the highest wear resistance. Even under non-lubricated
test conditions, as shown in Figure 17(e), the surface remained relatively uniform, with wear being localized to specific
areas. The peak-to-valley difference in these samples was 1.100 pm under non-lubricated conditions, further reducing
to 1.036 pm under Lubrication, as presented in Figure 17(f). The homageneous wear pattern abserved under lubricated
conditions suggests that the denser boride layer formed at 1000°C enhanced wear resistance and surface stability.
Upon thorough analysis, Profilometer analyses demonstrated that lubrication enhanced wear performance across all
boriding temperatures. This improvement was particularly evident at elevated boriding temperatures. The lowest sur-
face roughness and the most uniform wear morphology were obtained in samples borided at 1000 °C under lubricated
conditions. In contrast, the samples borided at 900 °C exhibited the highest surface roughness and non-uniform wear
patterns. These findings confirm that both boriding temperature and lubrication are critical parameters in improving
wear resistance and surface quality in WC-Co materials.

3.4 Fatigue Test Results: Goodman-Haigh Diagram

In WC-Co composites, binder/carbide interfaces and carbide/carbide grain boundaries are typically present. Therefore,
the microstructure is generally regarded as a continuous metallic binder phase surrounding discrete carbide particles
[20]. In Figure 18(a), the cross-sectional morphology of the sample borided at 900 °C is shown, having been captured in
secondary electron (SE) mode, while in Figure 18(b), the corresponding image acquired in backscattered electron (BSE)
mode is presented, where compositional contrast between the matrix and boride phases is revealed. The boride layer
formed on the surface as a result of the boriding process can be clearly distinguished through microscopic examinations.
This layer, with a thickness of approximately 62 pm, contributes significantly to the enhancement of surface hardness
and wear resistance. Under the boride layer, a diffusion zone is present, where boron atoms penetrate the base material.
This diffusion zone forms a transition area between the surface and the base material, further enhancing the structu-
ral integrity and performance of the layer. Goodman-Haigh diagrams, obtained from the results of three-point bending
tests, were applied to investigate the fatigue behavior of the WC-Co material following the boriding process. According
to the Goodman-Haigh diagram results at 900 °C, as shown in Figure 19, the fatigue life of the borided samples under
cyclic loading (R =0.1) was determined, particularly at stress levels of 450 MPa and 400 MPa. The average fatigue life at
400 MPa was measured as 3.449.647 cycles, whereas this value decreased to 1.670.112 cycles when the applied stress
was increased to 450 MPa. As shown in Figure 19, the fatigue life of the borided samples is reduced by approximately
50% under higher loading conditions. The hardness value of the GB40 sample measured before the boriding process
was 1043 HVq.;, whereas a maximum value of 3064 HVo.; was recorded after the boriding treatment at 900 °C. The
formation of hard boride phases such as W,CoB, CoB, and Co,B contributed to improved wear resistance, while reducing
the material's resistance to fatigue.

Boriding

Surface

Fig. 18. Cross-sectional view of the sample borided at 900°C: (a) 500X SE, (b) 500X BSE, layer thickness 62 microns.
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Fig. 19. Goodman-Haigh diagram of the sample resulting from the boriding process at 900°C.

Fig. 20. SEM examination of the surface after the three-point bending test of WC-Co and the boride
layer at 900°C for 4 hours: (a) BSE, (b) SE.

Figure 20(a) shows the SEM-BSE image of a distinct area of WC phase fracture. Figure 20(b) displays the fracture sur-
faces of WC particles in the SE analysis examined in SEM. Intragranular fractures are observed in WC particles, both
parallel to the fracture surface and at an angle to it. Independent of the WC grain fracture surfaces, brittle fracture
surfaces are also detected in the cobalt phase. The formation of these brittle fracture surfaces may be due to the stress
accumulation between WC particles and the W,CoB, CoB and Co,B structures present on the surface.

Following the increase in temperature to 950 °C, the boride layer is not observed to exhibit a clear transition zone on the
fracture surface, as shown in Figure 21(a) and 21(b). In Figure 21(a), the SEM image captured in secondary electron
(SE) mode is presented, while in Figure 21(b), the image captured in backscattered electron (BSE) made is shown.
In Figure 22, the graph of the three-point bending test conducted under same loading conditions (400 and 450 MPa)
after the boriding process at 950 °C is illustrated. This test condition resulted in a more significant improvement in die
life compared to other boriding conditions. The fatigue life, measured as 5.000.000 cycles at 400 MPa, was reduced to
1.525.507 cycles at 450 MPa with the increase in applied force. The improvement observed at 400 MPa can be attributed
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to two main factors. First, the boride layer thickness obtained from the boriding process at 950 °C is considered to provi-
de an optimal layer geometry on the surface of the WC-Co material, contributing to enhanced fatigue performance. This
layer improves wear resistance by increasing surface hardness and minimizes the tendency for crack formation. The
optimal thickness eliminates the detrimental effects associated with the boride layer being either too thin or excessively
thick [14]. At 950 °C, as the boride layer is examined in both BSE and SE modes in the SEM images provided in Figure
23(a) and (b), it is observed that the WC particles predominantly exhibit brittle intragranular fracture surfaces oriented
parallel to the overall fracture surface, as shown in Figure 23(a). Furthermore, the cobalt phase located between the WC
grainsis observed to transfer stress from each grain toward the center of the phase, where two distinct fracture surfaces
converge, resulting in the formation of a cavity or hollow, as illustrated in Figure 23(b) [26].
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Fig.21. Cross sectional of the sample 950°C boriding at: (a) 500X SE (b) 500X BSE layer thickness 148 micron.
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Fig.22. Goodman-Haigh diagram of the sample resulting from the boriding process at 950°C.
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Fig. 23. SEM examination of the fracture surface of the sample borided at 950°C after the fatigue test: (a) BSE, (b) SE.

Three-point fatigue tests conducted at 400 MPa and 450 MPa were used to evaluate the effect of boriding at 1000 °C,
as illustrated in Figure 24. Under these test conditions, a decrease in die life was observed when compared to other
boriding conditions. The die life, measured as 984.075 cycles at 400 MPa, was reduced to 135.356 cycles at 450 MPa
with the increase in applied force. In the boriding process, where the temperature was varied while the duration rema-
ined constant, a linear relationship was observed between the boriding temperature and the depth of the boride layer
at different temperatures. In Figure 25(a), the fracture surface after the three-point bending test is shown, having been
examined in SEM using backscattered electron (BSE) imaging. The growth rate of the WB layer was found to induce
stress accumulation at the WB/W interface [14]. As the boriding temperature increased, the hardness of the WB, phase
in the boride layer contributed to improved wear resistance compared to other samples at 1000 °C. However, the incre-
ased brittleness of the WB, phase may have facilitated crack initiation at the surface. This brittle boride layer is likely to
shorten the fracture life of the borided material [27]. Additionally, the increased thickness of the boron layer at higher
temperatures was found to negatively affect the fracture toughness, thereby reducing the material's resistance to crack
propagation [27]. This phenomenon was observed at 950 °C, but not at 900 °C. New phase formation around the WC gra-
ins was observed at 1000 °C, as shown in Figure 25(a). Moreover, at higher boriding temperatures, surface roughness
was found to increase. A rougher surface can create zones of stress concentration, which promote crack initiation and
reduce the overall fatigue life of the material. In Figure 25(a), an edge region featuring curved lines is visible, appearing
as if covered by a melted and re-solidified layer, where the sharp edges of the WC grains have disappeared. This layer
represents an intermediate phase rich in tungsten (W), formed as a result of diffusion from the cobalt matrix surrounding
the WC grains, which also influences the surface coloration. Additionally, small white spots were observed on the cobalt
fracture surface in both (a) BSE and (b) SE modes. These small indentations and protrusions on the cobalt fracture
surface are indicative of a second phase precipitated within the cobalt matrix as a result of diffusion. As demonstrated in
the figure, the high hardness of the boride layer can cause stress accumulation at the material's surface. These stresses
can lead to the propagation of cracks from the surface into the material. Furthermore, weak interfacial bonding between
the boride layer and the WC-Co matrix may also promote crack propagation from the surface into the interior, as shown
in Figure 25(b).



26 | NORM FASTENERS AR-GE MERKEZI YAYINLARI | 2025

NORM FASTENERS R&D CENTER PUBLICATIONS | 2025 | 27

R=-1

3000

[— 135,356 Cycles (0,= 450 MPa 0, = 550 MPa)
Gns —— 984,075 Cycles (o,= 400 MPa 0, = 489 MPa)

—— 438,316 Cycles (0,= 850 MPa 0, = 1039 MPa)

—— 2,144,884 Cycles (0,= 800 MPa g, = 978 MPa)|

500 —— 5,000,000 Cycles (0,= 750 MPa .0, = 917 MPa)
©
o
=
o 2000
o
o ]
[0}
o
2 £ 1500
=1
=
<
»
7]
.9:) Boriding at
& 1H03ToN

o Q

1500
2000+
2500
3000

3500~

g
Mean Stress, o, (MPa)

4000
3500 -
3000
2500
-2000
1500
1000~
500
501

Fig. 24. Goodman-Haigh diagram of the sample resulting from the boriding process at 1000°C.

Fig. 25. Cross sectional of the sample 1000°C boriding at: (a) 500X BSE; (b)500X SE.

4, Conclusions

This work aims to investigate the surface properties of WC-Co materials, used as die inserts in cold forging applications,
through boriding at three different temperatures for a duration of 4 hours. The study focuses on a detailed evaluation of
hardness, wear resistance, microstructural characteristics, and fatigue performance. The main findings of this study
are outlined below:

e The formation of the boride layer in WC-Co cemented carbides follows a diffusion-controlled mechanism, in which
increasing temperature enhances boron diffusion and promotes layer growth. Arrhenius analysis confirmed a linear
relationship between (n(K) and 1/T, yielding an activation energy of 496.5 kJ/mol. The experimental results revealed
that the highest diffusion rate was observed at 1000 °C, where the growth rate constant (K) reached 1.67 x 10" m%/s,
while the lowest was recorded at 900 °C with a value of 2.67 x 10 m?/s, demonstrating the significant influence of
temperature on boride layer kinetics.

* XRD analysis revealed that boriding at 900 °C led to the formation of W,CoBy, CoB and Co,B phases. An increase in
temperature to 950 °C resulted in the additional appearance of WB,, indicating progressive phase transformations.
At 1000 °C, the dominant formation of WB5 and Co,B indicated an increase in boron diffusion kinetics, elevated mic-

ro-stresses and the development of a more stable and well-defined boride layer.

* The Ra values of the samples before wear testing were measured as follows: 0.015 pm for the untreated sample,
and 0.059 pm, 0.114 pm, and 0.146 pm for the borided samples at 900 °C, 950 °C, and 1000 °C, respectively.

* Profilometer measurements indicated that higher boriding temperatures and the presence of lubrication signifi-
cantly improved surface quality and wear resistance. The samples borided at 1000 °C exhibited the lowest surface
roughness and the most homageneous wear under lubricated conditions. In contrast, the samples borided at 900 °C
showed the highest surface roughness and non-uniform wear, confirming that both temperature and lubrication are
critical parameters for optimizing wear performance.

e The wear track width was found to decrease with increasing boriding temperature, reaching 183.03 pm under
non-lubricated conditions and 70.76 pm under lubricated conditions at 1000 °C. In comparison, values of 234.31 ym
(non-lubricated) and 171.67 um (lubricated) were measured at 900 °C. In parallel, the highest microhardness value
of 4104 HVq.; was obtained at 1000 °C, whereas the lowest value of 3064 HVq.; was recorded at 900 °C, indicating a
direct correlation between boriding temperature, surface hardness, and wear resistance.

* The boriding process at 900 °C was found to negatively affect the fatigue performance of WC-Co composites, as
obtained from the Goodman-Haigh diagram results, where a significant reduction in fatigue life was observed under
cyclic loading conditions. At 400 MPa, the average fatigue life was recorded as 3.449.647 cycles, whereas an incre-
ase in stress to 450 MPa resulted in a decrease to 1.670.112 cycles. These results indicate that although boriding
improves wear resistance, it also promotes brittle behavior and contributes to reduced fatigue strength.

* The optimum fatigue performance was obtained at 950 °C, at which the boride layer exhibited an optimized thick-
ness that ensured an effective balance between crack resistance and brittleness. Under cyclic loading, the fatigue
life reached 5.000.000 cycles at 400 MPa and decreased to 1.525.507 cycles at 450 MPa, indicating that the boriding
treatment at 950 °C resulted in optimal improvement in fatigue resistance.

* The boriding process at 1000 °C resulted in an increased boride layer thickness and the formation of the WB, pha-
se, which improved wear resistance but substantially reduced fatigue life due to increased brittleness and stress
concentration at the WB/WC interface, thereby facilitating early-stage crack initiation. At this highest boriding tem-
perature, the fatigue life was reduced to 984.075 cycles at 400 MPa and 135.356 cycles at 450 MPa, indicating the
negative contribution of excessive boride layer growth to the degradation of crack growth resistance.

* The thickness of the boride layer increased with rising boriding temperature, leading to stress concentrations at
the surface and negatively affecting the material's fatigue strength. The formation of a brittle boride layer facilitated
crack initiation and propagation, resulting in a reduction in the fracture life of the borided samples. Therefore, in
addition to improvements in surface hardness and wear resistance, the embrittlement induced by boriding must be
carefully considered due to its negative effect on fatigue performance.

* Significant structural changes were observed during the boriding process, particularly in materials with complex
microstructures such as WC particles and the Co matrix. The change in the interactions between WC particles and
the surrounding matrix was found to compromise the microstructural integrity of the material and negatively affect
its fracture resistance.

* Future research will focus on validating the performance of borided WC-Co die materials in industrial cold forming
processes. Specifically, long-term wear resistance, fatigue behavior, and service life of borided dies will be systema-
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tically evaluated under practical manufacturing conditions. In addition, hybrid surface treatments and post-boriding
modifications will be investigated to reduce boride layer brittleness and improve material toughness. Optimization of
boriding parameters and identification of the most suitable processing conditions for various industrial applications
will also be explored to maximize material performance. These efforts aim to enhance the industrial applicability of
boriding and provide a comprehensive understanding of its effects on WC-Co cold forming dies.
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Abstract

The self-loosening of bolted joints under vibrational loading remains a persistent challenge in many engineering app-
lications, especially in the automotive industry, where safety and reliability are of paramount importance. Predicting
self-loosening behavior is challenging because numerous parameters influence joint performance, as well as the li-
mitations of conventional experimental testing. This study presents a novel analytical model for predicting bolt and
nut loosening behavior under transverse vibration. The model extends existing approaches by incorporating additional
parameters such as displacement, clamping force, and under-head friction torque. To enhance usability, the model was
implemented in an MS Excel-based calculator with macro functions, enabling engineers to perform loosening analyses
under varying conditions. The model adapts and extends existing approaches from the literature by incorporating an
energy equilibrium approach, which calculates bolt rotation by balancing the torsional strain energy accumulated during
vibration with the kinetic energy released once the applied torque exceeds the critical threshold. The analytical predi-
ctions were validated through Junker vibration tests, showing strong agreement with experimental data. The proposed
model and tool provide a practical and accessible method for predicting loosening, thereby enabling the design of safer
and more reliable fasteners while strengthening industrial competitiveness.

Keywords: Self-loosening, Fasteners, Vibration, Junker test, Analytical modeling
1. Introduction

Bolted joints are widely employed in the automotive, aerospace, energy, and civil sectors due to their simplicity and
ease of disassembly. However, their reliability is often compromised by self-loosening under vibration, which can lead
to preload loss, failures, and safety risks [1]. Among excitation mechanisms, transverse vibration is recognized as the
primary cause of self-loosening. Junker's pioneering work [2], which later became standardized as DIN 65151, demons-
trated that cyclic lateral displacement promotes slip at the under-head bearing surface and thread interfaces, causing
progressive rotation and loss of clamp force. Subsequent investigations showed that loosening can initiate even under
micro-slip conditions, where small relative motions accumulate rotation with each vibration cycle [3].

Further studies combined experimental and computational approaches to better capture the mechanics of loosening.
Dinger and Friedrich [4] demonstrated that local slip zones under the bolt head and in the threads govern the onset
of loosening, identifying critical displacement thresholds below 1 mm. These findings highlighted the importance of
preload level, hole clearance, and friction coefficients in predicting loosening behavior.

Additionally, ince and Giiden [5] investigated the self-loosening behavior of bolted joints under cyclic transverse loading
experimentally and numerically. Their study showed that existing analytical models could not fully predict the critical

transverse displacement, achieving around 58 % accuracy. By introducing finite element-based parameters such as
reaction moment and stiffness ratio, critical transverse displacement prediction accuracy improved to approximately 73
%, emphasizing the need for more comprehensive modeling approaches.

Analytical modeling has provided further insights into this problem. Nassar and Housari [6] presented a three-dimensi-
onal mathematical model to evaluate the effect of thread and under-head friction coefficients on loosening, implemented
in MATLAB and validated experimentally. The results confirmed the central role of friction conditions in governing clamp
force decay. Building on this, Nassar and Yang [7] developed an advanced formulation incorporating integral expres-
sions for under-head torque, bolt bending effects, and critical slip forces. The model showed a strong correlation with
measured torque-rotation curves, improving predictive accuracy.

More recently, Sun et al. [8] introduced a quantitative evaluation model that simplifies the problem to a single axis and
defines two design criteria: an angular-acceleration criterion for loosening onset and a critical transverse load crite-
rion. Their study compared bolts with spherical under-head geometries against standard bolts, both analytically and
experimentally, demonstrating enhanced resistance to loosening and illustrating the potential of geometry optimization.
Despite these advances, two limitations remain. First, most existing models require specialized software (e.g., MATLAB
or finite element packages), which limits accessibility for engineers in practical design environments. Second, adaptabi-
lity across various parameters, such as coatings, geometries, preload, and assembly conditions, remains limited without
extensive re-derivation or numerical simulations.

To address these gaps, this work develops a parameter-adaptive analytical model for predicting bolt and nut loosening
rates under transverse vibration. Unlike previous models, the formulation is implemented in an MS Excel-based cal-
culator with macro functions, enabling engineers and technicians to perform loosening analyses across a variety of
conditions without advanced coding or simulation tools. In addition, the proposed method introduces an energy equilib-
rium approach to determine the rotational motion of the bolt. In this approach, the torsional strain energy stored in the
bolt during vibration is balanced against the kinetic energy released once the applied torque exceeds the critical torque
threshold, allowing the angular displacement and loosening rate to be calculated analytically.

The model is validated through a series of Junker vibration tests, demonstrating strong agreement between analytical
predictions and experimental data. The results confirm that the proposed approach accurately captures loosening be-
havior under different friction coefficients, preload levels, and head geometries. By reducing the need for extensive phy-
sical testing, the model shortens product development cycles, decreases testing costs, and promotes more sustainable
design by lowering energy and resource consumption. Ultimately, this tool provides a practical pathway for designing
safer and more reliable bolted joints while enhancing competitiveness in industries where fastener integrity is critical.

2. Materials and Methods

2.1. Loosening Mechanism of a Bolt

The clamping force generated by the tightening torque maintains the integrity of the bolted joint. However, when the
jointis exposed to a transverse load that exceeds the frictional resistance created by this clamping force, relative motion
begins to occur between the threads and at the interface under the bolt head.

Figure 1 illustrates the mation of the bolt when the upper plate moves in the x-direction. Figure 1(1) shows the initial
location of bolt and the plates. As the plate is displaced, it moves together with the bolt until reaching a critical slip point
(,,) (2). Beyond this point, the bolt begins to slide over the surface of the plate. The sliding continues until the plate
reaches its maximum lateral displacement (0*) (3). The loosening of the bolt takes place between the critical slip point
and the maximum displacement position.
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Figure 1. Transverse Displacement Behavior of the Bolt During Plate Motion in the x-direction

Figure 2 presents the time-dependent displacement of the plate. In Zone 1, the initial motion occurs as the plate moves
from the zero position to its maximum position. Zones 2 and 3 represent the mation of the plate between successive
maximum positions.

Inthis research, the loosening behavior of bolted joints under vibration was examined using the Junker test method, whi-
ch is the most common approach for evaluating self-loosening performance. Originally developed by Gerhard Junker in
1969 [21, this method applies a controlled cyclic transverse displacement to a preloaded bolted joint while maintaining
a constant clamping force. The test simulates real service conditions where bolts are exposed to vibration and lateral
movement, such as in automotive or machinery applications. During the test, relative slip occurs between the bearing
surface and the threads, causing a gradual reduction in the clamping force. The change in preload is continuously mea-
sured throughout the vibration cycles, allowing the loosening behavior to be monitored in real time. The typical result is
a clamping-force-versus-cycle curve that shows an initial rapid decrease followed by a steady-state region, indicating
the joint's resistance to loosening. Because it provides consistentand comparable results, the Junker test is widely used
for evaluation and comparison of the anti-loosening performance of different fastener designs, coatings, and tightening
conditions.

bt
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Figure 2. Time-Dependent Displacement of Plate in x-direction

2.2. Analytical Method for Calculation of Loosening Rate

During the bolt's complete cyclic displacement, shear friction forces acting on the bolt under-head and threads play an
important role in the bolt's loosening behaviour. These forces are formulated by Nassar and Yang 2009 [7] along the
x-direction as bearing friction shear force Fbs and thread friction shear force F .

i sin(w t)

bs Kk x L3 1)
3A,L

k=1-|—20+
T6EL, 2)

el o)

8Elr,
EF 1+ tana L n(rd - rf) +AL]
ts = Fbs X ] *
min(T-1) | 1 8ELr, _

u BTy ! 3Tme 1 02725 P 1((4—‘1,,) 2/\LJ 3)

In this formulation, k represents the bending factor, E denotes Young's modulus of elasticity, and I1 corresponds to the
cross-sectional axial moment of inertia. The geometric parameters L, P, and & define the effective bolt length, thread
pitch, and half of the thread profile angle, respectively. The contact dimensions under the bolt head are given by the outer
radiusr and inner radius r. Furthermore, O indicates the transverse displacement of the plate, while costands for the
angular velocity of the cyclic excitation. Finally, A is the constant for under-head bending stiffness, and 'T represents
the ratio of the major thread radius (rmaj) to the minor thread radius (r ) (T-= o Ir..).

These forces create torque, which stops the bolt's rotational movement.

Tbs = Fbs X I'be i)
rrts = Fts X Tie 5)

Where r, is the effective bearing radius and r_is the effective thread radius.

If no loosening occurs during cyclic vibration, the frictional forces acting on the bolt are initially zero and increase si-
nusoidally as the transverse displacement grows, reaching their maximum amplitude at the point of maximum lateral
movement. In this stage, the bolt and clamped parts move together without any relative slip, and the joint remains stable.
However, once the applied transverse force exceeds the frictional resistance generated by the clamping load, a critical
condition is reached. At this critical point, relative motion begins between the contacting surfaces, initiating the loose-
ning process. Nassar and Yang [6] characterized this transition by defining the critical torques acting on the bolt - spe-
cifically, the under-head friction torque, the thread friction torque, and the pitch torque — which together determine the
self-loosening. The relationship among these torques can be expressed as:
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Where Tp, T,, andT_ are pitch torque, torque of critical bearing friction and critical thread friction respectively. Fis the
clamp load, pb and pt are the bearing and thread friction coefficients, 3, ccand P are the lead helix angle, half of the
thread profile angle and the thread pitch, respectively.

Atthe critical point T _ reaches up untiL T, . During this equilibrium, the bolt start to turn on the loosening direction with
a net torque. Which can be expressed as:

Tet = Tts = Teer + Tp 9

Where T, is the net torque affecting the bolt to rotate in the loosening direction. This torque causes an angular acce-
leration on the bolt:

o= TNet (10)
L

Where cxis the angular acceleration and 12 is the axial moment of inertia. This acceleration will later be used for the
calculation of the bolt's loosening time.

In order to determine how much the bolt rotates, it is necessary to calculate its angular velocity. The kinetic energy equ-
ation was used to obtain this angular velocity. Until the bolt reaches the critical torque value, it is subjected to torsion.
During this stage, torsional strain energy accumulates within the bolt, and once the applied torque exceeds the critical
limit, this stored energy is suddenly released as kinetic energy, causing the bolt to rotate.

ETorsion = TO x 60 (‘]])
TO x L
90 = G—XI (12)

Where O, is the angle of twist, L, G and J are the effective bolt length, the shear modulus and the polar moment of inertia,
respectively.T; represents the residual torque remaining on the bolt, which was calculated from the torque-clamping
force tests. It was obtained by multiplying the residual clamping load on the bolt by the experimentally determined T/F
ratio.

T
To=Fx (), 2

Where Fis the clamping load. T/F value was determined experimentally by applying torque in the loosening direction and
may vary depending on the bolt type.

When the torsional strain energy reaches the critical torque value, it is converted into kinetic energy. This released
energy causes the bolt to undergo rotational motion.

1
Exinetic = 2 xI x w? (14)

Considering the law of energy conservation, the accumulated torsional strain energy can be assumed to be equal to the
kinetic energy of the bolt. Based on this equilibrium, the angular velocity of loosening can be determined.

Etorsion = Exinetic (15)

1
T0X90=§"szw2 (16)

2 x Ty x 0
R )

Using formulas 10.and 17, the time elapsed during the bolt loosening process can be calculated.

t (oY)
L 2.8

Where t is the loosening time.
The following formulas were used to calculate the rotational angle of the bolt. The total loosening period was divided into
ten equal intervals, and the rotation angle was calculated for each segment.

o "
10
Wi =wj.1+a; XAy (20)
0;=0;_1 +w; x Aty (21)
10

AO= z 0, (22)
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Each time the bolt reaches the critical torque value, it rotates by an angle of AG. The rotation of the screw in the loo-
sening direction causes a decrease in the clamping force, leading to vibration-driven self-loosening. The decrease in
clamping force per degree of rotation was experimentally determined through testing. The experiments were carried out
using the ST-Wrench, which measures the torque-angle relationship, and the vibration test device, which records the
variation of clamp load with torque. In these tests, the assembly rigidity is the same as the assembly rigidity in vibration
tests. In the procedure, the bolts were first tightened to the desired clamping load and then unscrewed to determine the
reduction in clamp load per degree of rotation. By combining the results from both devices, the clamp load-angle relation
was obtained. A total of six different parameter combinations were tested, consisting of two different clamp lengths and
three different clamping loads. Three repetitions were performed for each combination, resulting in a total of 18 tests.
The resulting clamping load-angle relation of the tests is shown in Figure 3.

18 4 [—— Clamp Length : 19.8 mm|
|- - - Clamp Length : 13.8 mm|

Iniial Clamp Load : 20.9 kN

Initial Clamp Load : 17.6 kN

Clamp Load (kN)

A
Initial Clamp Load : 143 kN ™,

24 T T T T T T T T T T
10 20 30 40 50 60 70 80 90 100 110
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Figure 3. Clamping Load-Angle Relation of the Loosening Tests

Clamp load decrease per 1 degree of rotation is calculated with this formula:

AF = — (23)

Where " is the slope of the angle-clamp load graph in Figure 3, and AF is the clamp load drop per 1 degree of rotation.
2.3. Experimental Analysis
Experimental tests were conducted using the Vibration Master J160 Junker test device shown in Figure 4. M8 DIN 933

bolts and DIN 934 nuts were used. The coatings of the bolts and nuts were chosen as KL100 with a VH301 top coat. The
friction coefficient range was measured between 0.09 and 0.14.

Figure 4. Vibration Master J160 Junker Test Device

As shown in Table 1, eight different test variations were defined with two variables of three parameters: transverse
displacement, clamping length, and clamping force. Transverse displacement values of 0.3 mm and 0.4 mm, clamping
lengths of 13.8 mm and 19.8 mm, and clamping forces of 14.3 kN and 17.6 kN were selected. A total of 24 tests were
performed, consisting of three repetitions for each of the eight parameter combinations.

Table 1. Variations Used for Junker Vibration Test

Test Variations [Var.] Iransverst[anlllli:r tacement Clamp Load [kN] Clamp Length [mm]
1 0.3 17.6 19.8
2 0.3 17.6 138
3 03 143 19.8
4 03 143 138
5 0.4 17.6 19.8
6 0.4 17.6 138
l 0.4 143 19.8
8 0.4 143 138

3. Results

The analytical model developed in this study was validated through Junker vibration tests conducted under various clam-
ping forces and displacement amplitudes. M8 x 1.25 DIN 933 bolts and DIN 934 nuts with KL100 / VH301 GZ coatings
were used.

Figures 5 and 6 represent the comparison between experimental and analytically calculated results for clamping force
reduction during transverse vibration at displacement amplitudes of 0.3 mm and 0.4 mm, respectively. In both cases, the
analytical predictions successfully replicate the general trend of the experimental data, showing a rapid initial drop in
clamp load followed by a more gradual decline toward stabilization.

For the 0.3 mm transverse-displacement condition (Figure 5a and 5b), the analytical model shows close agreement
with the experimental curves for all parameter variations, with the maximum difference between predicted and mea-
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sured loosening-rate values (kN/cycle) remaining within about 10 %. In Figure 5a, which presents Variations 1 and 2,
both analytical and experimental curves follow nearly parallel trends throughout the vibration cycles. Variation 1, cor-
responding to the higher clamping load (17.6 kN) and longer clamping length (19.8 mm), shows the smallest deviation,
confirming that the model accurately represents the slower loosening rate caused by increased joint stiffness and pre-
load. Variation 2, with a shorter clamping length (13.8 mm) but the same preload, exhibits a slightly faster clamp-load
reduction, which is also well captured by the model. Figure 5b includes Variations 3 and 4 under the lower preload (14.3
kN) condition, where both experimental and analytical results indicate a more rapid loss of clamping force. Variation 3
loosens more slowly than Variation 4, again showing that higher stiffness improves vibration resistance.

For the 0.4 mm transverse-displacement condition (Figure éa and 6b), both analytical and experimental results show
amore pronounced decrease in clamping force with increasing vibration cycles, confirming that greater displacement
amplitude intensifies slip at the contact interfaces. In Figure 6a, which includes Variation 5 and Variation 6, the analytical
and experimental trends exhibit similar overall shapes, though the analytical model slightly overestimates the remaining
clamp load after about 150 cycles. Variation 5, characterized by higher preload (17.6 kN) and longer clamp length (19.8
mm), maintains the slowest loosening rate, whereas Variation 6, with a shorter clamp length (13.8 mm), demonstrates
a faster decay in clamp force. In Figure 6b, corresponding to Variation 7 and Variation 8 with lower preload (14.3 kN),
both sets of results show a steeper reduction in clamping force, consistent with higher energy release and greater slip
per cycle. While the analytical predictions follow the general trend, they slightly over-predict the remaining clamping
load at later cycles. This difference can be explained by neglected nonlinear effects such as dynamic friction changes
and small surface slips between contact areas, which are not fully represented in the one-dimensional analytical model.

0.3 mm Transverse Displacement
—— Experimental

Clamp Force (kN)

84
64
44
24
T T T T
[ 50 100 150 200
Cycle
16
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Figure 5. Experimental and Analytical Test Results for 0.3 mm Displacement for variation numbers
(a) 1-2 and (b) 3-4
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Figure 6: Experimental and Analytical Test Results for 0.4 mm Displacement
for variation numbers (a) 5- 6 and (b) 7-8

Figure 7 presents the comparison between the calculated and experimentally measured loosening rates for all variations
of the studied parameters. The results show a reasonable correlation between the analytical model and the experimental
data, with most data points clustered around the unity line (Calc. LR / Exp. LR = 1), indicating well-correlated predictive
accuracy. The deviations range from 1.2 % to 52.2 %, with an average deviation of 19.7 %.

The model demonstrates particularly good agreement for low and medium loosening rates (0.03-0.07 kN/cycle),
where the ratio remains close to unity, validating the reliability of the energy-equilibrium formulation in this regime.
Slight over-predictions are observed at higher loosening rates (> 0.07 kN/cycle), which are primarily associated with
high-displacement (0.4 mm) and Low clamping load (14.3 kN) conditions. This deviation can be attributed to the nonli-
near slip behaviour and dynamic friction variation that are not fully captured in the simplified 1-D analytical formulation.
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Figure 7: Accuracy of the Calculated Loosening Rate with respect to the Experimental Loosening Rate
4. Discussion and Conclusion

The presented results indicate that the adopted analytical model can accurately predict the loosening behaviour of bol-
ted joints under transverse vibration. The comparison between the analytical calculations and the experimental Junker
test results demonstrated reasonable agreement for different clamping forces, clamping lengths, and displacement
amplitudes. The average deviation was approximately 19.7%, which is reasonable for preliminary design and analysis
purposes.

The developed model reflects the influence of key parameters such as preload, clamp length, and displacement ampli-
tude. Higher preloads and longer clamping lengths were shown to reduce loosening, while larger vibration amplitudes
increased the loosening rate. These trends are consistent with the physical mechanisms described in previous studies
[5-8], confirming the reliability of the one-dimensional, energy-based approach.

The energy equilibrium method introduced in this study provides a practical means to estimate the bolt's rotation and
loosening rate. The model assumes that when the critical torque is exceeded, all the stored torsional strain energy is
instantly converted into kinetic energy. This assumption represents a fully elastic process, neglecting the portion of
energy dissipated as heat through friction. Therefore, the observed deviations between the analytical and experimental
results can partially be explained by this simplification.

Furthermore, the model uses a constant friction coefficient (within 0.09-0.14), while in reality, the friction coefficient
may dynamically vary during vibration due to surface wear and micro-pitting. The absence of a dynamic friction model
may contribute to the discrepancy between experimental and analytical outcomes, particularly at higher vibration amp-
litudes.

As expected, larger deviations were observed at higher loosening rates, which are associated with stronger dynamic
effects, nonlinear contact behaviour, and possible limitations in the assumed energy conversion and friction conditions.
Despite these effects, the general correlation between analytical predictions and experimental data remained reaso-
nable across all test conditions.

The implementation of the model in an MS Excel-based calculator makes it accessible for engineers and technicians,

even without advanced software or programming knowledge. The tool allows quick evaluation of loosening behaviour
under different conditions, reducing the need for costly and time-consuming physical tests.

In conclusion, the proposed analytical model, supported by experimental validation, provides a simple yet effective met-
hod to predict the loosening rate of bolts under vibration. It offers a balance between accuracy and practicality, making
it suitable for design and early testing stages in industrial applications. Future work will focus on applying the model to
different bolt types and geometries, and on improving its accuracy by incorporating nonlinear friction effects. Overall,
this study contributes to the development of safer, more reliable, and cost-effective bolted joint designs for automotive
and other vibration-sensitive applications.
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1. Introduction

In cold forming operations, tooling is subjected to significant loads, particularly at high deformation rates, leading to
tool damage over time and eventual failure. This tool degradation not only necessitates tool replacement but also causes
production halts, machine recalibration for new tools, and the scrapping of some produced parts (Dubar et al., 2005).
The lifespan of tools fundamentally dictates manufacturing efficiency. A machine capable of producing 155 units per
minute might only deliver 137 due to persistent tool failures (Raja and Sornakumar, 2014). This discrepancy highlights
more than just lost output; it points to a critical cost centre. With specialized tools like forming punches making up a
considerable part of the cost for each component, investing in their longevity becomes paramount for both maximizing
throughput and controlling unit costs.

For the cold forming punches, punch life is determined by the initiation and progression of three primary mechanisms:
plastic deformation, wear, and fracture. Consequently, the punch material must exhibit a combination of high strength,
superior wear resistance, high hardness, a low coefficient of friction, and excellent toughness (Almeida et al., 2017).
Forming punches are typically manufactured from high-speed tool steels, which provide the necessary high toughness
to withstand impact loads. However, to further enhance their strength and hardness, these tools often undergo various
surface treatments. While heat treatments are sometimes preferred, ceramic coatings applied to the tool steels are
more commonly employed (Ashvita et al., 2024; Wand etal., 2025).

Ceramic materials impart high hardness and strength to the punch, while the steel substrate ensures that the punch re-
tains its tough behaviour. Over time, numerous coating materials have been explored and developed to optimally achieve
these desired properties.

Coating technology has advanced significantly to meet evolving industrial demands, leading to increasingly complex
structures. Historically, this development can be categorized into four distinct periods. The first period saw the wi-
despread adoption of simple single-layer ceramic coatings, with TiN coatings serving as a prime example. Despite being
positioned as early developments, these types of coatings remain prevalent in the industry today; indeed, the present
study aims to enhance the lifespan of punches currently utilizing TiN coatings. The second period of development com-
menced with the chemical madification of single-layer films. TiAIN coatings exemplify this stage, where modifications
successfully led to improvements in various properties. For instance, the example provided demonstrates significant
advancements for processes conducted at high temperatures. The third and fourth periods in coating material tech-
nology are, in a sense, intertwined. The third stage involved the development of multi-layered coatings, achieved by
sequentially depositing layers of different materials. This approach not only leverages the properties of the two distinct
materials used in the layers but also benefits from the resulting layer interfaces, which play a crucial role in enhancing
structural properties. The fourth development period, representing what can be considered state-of-the-art coatings
today, encompasses multi-layered coatings fabricated at the nanoscale. In some structures, nanocomposite coatings

are also observed, where nanocrystalline particles are dispersed within a three-dimensional amorphous matrix. For
multi-layered coatings, the TIN/CrN system serves as an illustrative example.

Therefore, the subsequent sections of this chapter investigate the essential contribution of ceramic coatings to impro-
ving the performance of cold work steel tools, such as AISI M2, in various manufacturing environments.

2. Ceramic Coatings

This section will introduce the various types of ceramic coatings commonly applied to cold work tool steels, detailing
their deposition methods and the particular advantages they offer in a multitude of manufacturing applications.

2.1.TiN Coating

Titanium stands out for its exceptional ability to adhere to steel substrates. Nitrogen, conversely, is well-known as a
frequently utilized element in surface hardening processes. The combination of these two elements forms a ceramic
coating with remarkably high hardness and sufficient adhesion to steel substrates. Consequently, TiN coatings remain
among the oldest (Hilton et al. 1987; Hug et al.,, 1997) and one of the most widely used coating materials for high-speed
tool steels, such as AISI M2 steel, today (Ceritbinmez et al., 2025).

TiN coatings are applied to steel substrates using a wide array of deposition techniques, such as physical vapour depo-
sition (PVD) and chemical vapour deposition (CVD). In a study by M. Dubar et al. (2005), the coating thickness, hard-
ness, and coefficient of friction were reported for AISI M2 steel tools that had been TiN coated using both PVD and CVD
methods. It was observed that the coefficient of friction was higher on surfaces coated via PVD. This was attributed to
the thinner coating thickness achieved with the PVD method, which meant that residual surface scratch marks from
manufacturing stages were not fully concealed. Conversely, with the CVD method, these marks were covered, and the
coated surface appeared to be uniformly covered with small spherical particles.

Figure 1 presents SEM images of as-coated PVD and CVD TiN surfaces.

Figure 1. Surface aspect of TiN coating produced via (a) PVD and (b) CVD (Dubar et al., 2005)

The inability to achieve stabilization in the coefficient of friction after a certain number of manufactured parts stems from
localized micro-welding. This welding occurs both between the workpiece and the tool, and between the tool surface
and the coating surface. In PVD coatings, this welding progresses more rapidly due to the presence of scratches very
close to the surface. Conversely, in CVD coatings, the main material adheres to the spherical particles of the coating at
a later stage. Consequently, CVD coatings delay the friction distribution compared to PVD coatings. However, hardness
values for both methods can be comparable (Dubar etal., 2005).
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Nevertheless, other studies present differing observations. For example, a study by Hilton et al. (1987) found that TiN
coatings produced via PVD exhibited higher hardness than PACVD coatings of equivalent thickness. Additionally, the
grain size of PACVD-produced TiN coatings was determined to be 2500 A, whereas the grain size from the sputtering
method was measured at 500 A. This disparity is likely attributable to differences in grain sizes resulting from the distin-
ct production methods. These findings collectively indicate that the microstructure and, consequently, properties such
as hardness, of TiN coatings can vary significantly depending on the specific production method employed.

When comparing TiN, Diamond-Like Carbon (DLC), and CrCN coatings applied to AISI M2 steel forming tools using the
PVD method, TiN demonstrates a significant advantage. As illustrated in Figure 2, TiN emerges as a more favourable
choice when considering both cost-effectiveness and service life compared to the other two coating types (Yousefi et

al,, 2021).
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Figure 2. Relative criteria for DLC, CrCN, and TiN coatings (Yousefi etal., 2021)

It's feasible to considerably boost the hardness, wear resistance, and elastic modulus of TiN coatings, which are applied
to AISI M2 high-speed steel using the PVD methad, through the application of post-coating processes like Deep Cryoge-
nic Treatment (DCT). These subsequent treatments enable a significant enhancement of the mechanical properties of
the coating (Chiadikobi et al., 2024). It results from fundamental changes happening within the microstructure of the
material. One key effect, especially in materials where it is present, is the nearly complete transformation of retained
austenite to martensite. While TiN itself is not a steel, the substrate or interface layers might contain phases influen-
ced by cryogenic temperatures. A more fully martensitic structure is inherently harder and more brittle, contributing to
improved hardness and wear resistance. Cryogenic temperatures promote the precipitation of extremely fine, uniformly
dispersed carbides or nitrides. Even in a coating like TiN, which is already a nitride, subtle atomic rearrangements and
the formation of secondary, very fine phases can occur. These tiny precipitates act as obstacles to dislocation move-
ment, significantly hardening the material and boosting its resistance to plastic deformation, which directly translates
to better wear performance. DCT can help in redistributing and relieving some of the residual stresses within the coating.
While PVD coatings often have beneficial compressive stresses, localized tensile stresses or non-uniform stress distri-
butions can be detrimental. Amore uniform and optimized stress state can lead to a more stable and mechanically robust
coating. The extreme cold can subtly refine the atomic structure and improve the bonding between atoms. This can lead
to a more compact and ordered lattice, which in turn increases the material's resistance to elastic deformation (higher
elastic modulus) and makes it tougher against wear.

While more advanced methods and coating materials now exist for enhancing the wear resistance of AISI M2 high-speed
tool steels beyond conventional PVD .

TiN, this combination retains its practical significance. The enduring appeal of PVD-applied TiN stems from its cost-effe-
ctiveness and the ability to significantly improve its tribological performance and elastic modulus through post-coating

treatments like Deep Cryogenic Treatment (DCT). This makes TiN a continuously viable and often preferred coating op-
tion for various industrial applications.

As a result, despite the emergence of newer advanced coatings, TiN remains a widely utilized and practical choice for
enhancing the performance of highspeed tool steels due to its inherent hardness, sufficient adhesion, costeffectiveness,
and the notable improvements in tribological properties achievable through post-coating treatments like DCT.

2.2. DLC Coating

Another coating employed for AISI M2 steel tools is Diamond-Like Carbon (DLC). DLC coatings are amorphous films
formed by arranging carbon atoms in a diamond-like structure. Primarily produced via PACVD or CVD from hydrocar-
bon gas sources, their classification depends on how closely their carbon arrangement resembles diamond and their
hydrogen content. Hardness increases with a higher proportion of sp® hybridization and lower hydrogen content (Zerrin,
2014). DLC films develop significant internal stresses from their internal network structures, which accumulate as film
thickness increases. This makes adhesion to the substrate challenging; DLC films over a particular thickness often dela-
minate. Poor adhesion can also stem from delayed DLC nucleation due to carbon diffusion into the steel. To counter this
and enhance wear resistance by creating a hardness gradient, an interlayer is used as a mechanical buffer, improving
DLC substrate adhesion.

Figure 3 shows the DLC coating deposited to AISI M2 steel. To promote adhesion to the surface of the M2 subtsrate, a
Cr layer is used between the DLC coating and the steel substrate (Figure 3). As depicted in Figure 4, among the various
coatings, DLC, TiN, TiAIN, and TiCN-deposited on a steel substrate, the lowest coefficient of friction is observed when
utilizing the DLC coating (Banerji etal., 2014).

M2 Steel 1pm

Figure 3. SEM image revealing the sequential deposition of a Cr interlayer and a subsequent W-DLC layer on an M2
steel substrate (Banerji etal., 2014)

Average Coefficient of Friction

PCD H-DLC W-DLC M2Steel TiCN TiAIN TiN

Figure 4. Comparison of coefficient of friction of M2 steel and DLC, TiN, TiAIN, and TiCN coatings (Banerji et al., 2014)



50 | NORM FASTENERS AR-GE MERKEZI YAYINLARI | 2025

NORM FASTENERS R&D CENTER PUBLICATIONS | 2025 | 51

Alower coefficient of friction directly translates to less abrasive and adhesive wear between contacting surfaces. This
significantly reduces material loss and surface degradation on both the coated component and any counter-surface it
interacts with. Consequently, the service life of tools and components is substantially extended, leading to decreased
replacement costs and reduced downtime. Less friction means less energy is dissipated as heat during relative motion.
By minimizing friction, DLC coatings help to keep operating temperatures lower, thereby preserving the mechanical
properties of the underlying substrate and coating, especially under high-load or high-speed conditions. In dry or mini-
mally lubricated environments, metal-on-metal contact can lead to material transfer, a phenomenon known as galling,
and eventually seizure, where components weld together. The extremely low friction and nonstick properties of DLC
coatings effectively prevent these issues, ensuring smooth and reliable operation even under challenging conditions.
Smoother, lower-friction interfaces contribute to a reduction in noise and vibration during operation. This can lead to
quieter machinery and a higher quality of manufactured products, particularly in forming and moulding applications
where surface finish is critical.

To enhance the performance of DLC coatings, the surfaces of M2 steel substrates are subjected to a nitriding treatment
to establish superior adhesion between the coating and the substrate. As shown in Figure 5, the application of a nitride
interlayer effectively creates a hardness gradient on the steel substrate. This gradient significantly improves the adhe-
sion of the harder top DLC layer (Moreno-Bércenas etal., 2019).
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Figure 5. Microhardness of nitrided and non-nitrided M2 steel substrates (MorenoBarcenas et al., 2019)

Figures 6(a) and (b) present critical loads from scratch tests for DLC coatings, without and with a nitride interlayer res-
pectively, deposited at various electrical powers. For all deposition powers, DLC coatings with an interlayer consistently
withstand greater loads than those without. The presence of an interlayer substantially enhances the adhesion of the
coating to the substrate.
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Figure 6. Load of the DLC coatings on the (a) non-nitrided and (b) nitrided M2 steel
(LC: the maximum load-bearing capacity (the coating begins to peel from the substrate)), (LC1: the load causing
cohesive failure, LC2: the load causing adhesive failure) (Moreno-Bércenas etal., 2019)

Wang et al. (2021) investigated the adhesion capabilities of DLC coatings on M2 steel substrates, using titanium as an
interlayer and comparing it against other parameters. They focused on the interface between the M2 steel (Fe layer)
and the Ti interlayer, as well as the interface between the Ti interlayer and the DLC (C layer). For comparison, they
also included a coating sample without an interlayer, directly examining the Fe and C layer interface. As anticipated, a
higher energy requirement to separate two layers indicates stronger adhesion between them. The required energy for
separation was ordered as follows: Ti/C > Fe/Ti > Fe/C. This suggests that the adhesion between the iron and carbon
layers is the weakest. Furthermore, interfacial energy serves as a reliable index for assessing the adhesion ability of
layers. Structures with a positive interfacial energy value between two layers are unstable, indicating a tendency to
separate. Conversely, as the interfacial energy decreases, the stability and adhesion capabilities of the layers increase.
Accordingly, the Fe/C structure exhibits the lowest adhesion, while the Ti/C structure possesses the highest.

Consequently, DLC coatings offer exceptional tribological benefits for AISI M2 steel tools, particularly their remarkably
low friction coefficient, with their critical challenge of adhesion effectively addressed and optimized through the strate-
gic use of interlayers such as chromium, titanium, or nitride.

2.3. CrAIN Coating

The CrN structure is primarily distinguished by its corrosion resistance, largely due to the presence of chromium. Its
superior wear and hardness properties are also key reasons for its widespread use as a tool coating material (Navingek
etal. 2017).

CrAIN coatings generally offer better tribological performance than CrN due to the addition of aluminium, which fun-
damentally changes the structure and behaviour of the coating. Aluminium promotes a more compact, nanocrystalline
structure in CrAIN. This makes the coating harder and more resistant to cracks, as well as less porous, improving wear
and corrosion resistance. Aluminium atoms substitute for chromium, creating lattice distortions that block dislocation
movement. This significantly boosts the hardness of the coating, directly improving wear resistance (Lin etal, 2024). At
elevated temperatures, aluminium forms a stable, self-lubricating aluminium oxide layer on the surface. This protective
film enhances oxidation resistance, reduces friction, and maintains the integrity of the coating under heat, unlike the
less robust oxides formed by CrN. The better oxidation resistance helps CrAIN retain its hardness and strength at higher
temperatures, making it suitable for more demanding, high-heat applications (Polcar and Cavaleiro, 2011).
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When CrN and CrAIN coatings are applied to AISI M2 steel using the PVD method, different processing parameters yield
coatings with varied properties (Brizuela et al., 2005). As aluminium is added to the coating, its adhesion to the steel
substrate tends to decrease. However, CrAIN coatings exhibit a lower coefficient of friction than CrN coatings.

The properties of the CrAIN structure vary with its aluminium content. Figure 7 illustrates the wear rates and coeffi-
cients of friction for CrAIN coatings with differing aluminium concentrations at various temperatures. Higher aluminium
content generally leads to an increase in the friction coefficient. For instance, the coating with the highest aluminium
concentration (CrAIN-3) consistently exhibits the highest friction values across all testing temperatures. This is prima-
rily attributed to the increased formation of aluminium oxides (Al,03) on the surface, which are inherently more abrasive
and contribute to higher friction. Conversely, a greater aluminium presence significantly improves the wear resistance,
resulting in lower wear rates. The same high-aluminium CrAIN-3 specimen, despite its higher friction, showed virtually
no measurable wear at temperatures below 650°C. This enhanced durability is linked to the increased hardness impar-
ted by the higher aluminium content, along with the protective nature of the aluminium oxides formed, which help the
coating resist material loss even under demanding conditions (Sanchez-Lopez etal., 2014).
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Figure 7. Tribological properties of CrAIN coatings (CrAIN-1: AU(Cr+Al)=0.19,
CrAIN-2: AU/(Cr+Al)=0.50, and CrAIN-3: AU(Cr+Al)=0.68) (Sanchez-Lopez etal., 2014)

When coating M2 high-speed steels with CrAIN via PVD, the plasma nitriding process applied to the M2 substrate, along
withits specific parameters, significantly influences the overall performance of the coating. For instance, increasing the
anode current during the nitriding treatment leads to a thicker nitrided layer. Consequently, as shown in Figure 8, both
the application of plasma nitriding and an increased anode current enhance hardness, which in turn reduces the wear
rate. The enhanced wear resistance and increased hardness observed in the CrAIN coatings are primarily attributed to
the duplex treatment, specifically the plasma nitriding pretreatment at higher ion current densities. This process effe-
ctively creates a harder and thicker nitrided interlayer on the steel substrate. This interlayer, in turn, provides superior
load-carrying capacity and significantly improves the adhesion of the subsequent CrAIN coating, collectively leading to
the observed advancements in mechanical properties (Zhang et al., 2022).
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Figure 8. Effect of plasma nitriding and process parameter (anade current) on (a) hardness and (b)
wear resistance of CrAIN coated-AlSI M2 steel (Zhang etal.,, 2022)

Ultimately, CrAIN coatings present a highly effective solution for enhancing tool performance, with their superior tri-
bological properties at elevated temperatures and improved wear resistance on steel substrates being finely tunable
through precise control of aluminium content and judicious application of duplex treatments like plasma nitriding.

2.4. TiN/TIAIN Coating

Multilayer coatings are increasingly popular due to their extended lifespan and superior wear resistance. Building on
this, researches have explored the properties of TiN/(TIAN) coatings, which combine the traditional, wellperforming
TiN layer with an Al-modified TIAIN layer to enhance oxidation resistance. Figure 9 shows the Ti, AL, ..N monolithic co-

atingand Ti AL . N/Ti, AL . multilayer coating. For the Ti, AL . N/Ti Al .. multilayer coating, the layer thicknesses
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shown in Figure 9(c) are lower than those presented in Figure 9(b). As seen in these figures, the monolithic coating

clearly exhibits a columnar structure, whereas the Ti Al N layers within the multilayers are characterized by a dense

morphology, lacking distinct columnar grains (Shugurov and Kazachenok, 2018).
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Figure 9. Cross-sectional SEM images of (a) monalithic Ti , Al N coating and (b) and (c) Ti, , AL  N/Ti Al

0.45" 7055 0.45" 7055 045" 7055
multilayers coatings (Shugurov and Kazachenok, 2018)

For AISI M2 steel, investigations typically compare the characteristics of single-layer TiN coatings, single-layer TIAIN
coatings, and multilayer TiN/(TIAIN) coatings. It is generally observed that adding aluminium to singlelayer coatings
increases hardness. However, a notable reduction in the critical load from scratch tests is also observed for alumi-
nium-containing coatings. This is attributed to the tendency of aluminium to reduce adhesion to the steel substrate.
Exceeding a certain aluminium concentration in the coating significantly compromises adhesion strength. While PACVD
can be used for deposition, PVD is more commonly employed for these coatings to maintain desired concentration limits.
Notably, wear volume values are significantly lower for multilayer coatings compared to single-layer counterparts. This
superior performance is believed to stem from the higher combined hardness and adhesion strength of the multilayer
structure. Figure 10 illustrates the distinct damage behaviours of single-layer and multilayer coatings. Single-layer coa-
tings typically show debris from wear around the scratch area (Figure 10(a)), whereas such debris is absent in multilayer
coatings (Figure 10(b)). Furthermore, crosssectional analysis of the scratch path reveals that single-layer coatings
exhibit circumferential spalling and widespread crack propagation (Figure 10(c)). In contrast, multilayer coatings show
only a few localized cracks in the same direction, indicating less severe and more contained damage. This improved da-
mage tolerance in multilayer coatings is primarily due to the disruption of stress propagation at the numerous interfaces,
preventing continuous crack paths (Dong-Kak et al., 2003).
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Figure 10. SEM images of the (a) monolayer (Ti AL )N and (b) multilayer
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(b) multilayer TiN/ (Ti AL N coatings subjected to indentation tests (Dong-Kak etal., 2003).

In summary, TiIN/TIAIN multilayer coatings significantly enhance the wear resistance and extend the lifespan of AlSI
M2 steel tools by combining the beneficial properties of TiN with the oxidation resistance of TIAIN, while their dense
structure and numerous interfaces effectively mitigate crack propagation and improve overall adhesion compared to
monolithic coatings.

2.5. TiN/CrN Coating

TiNand CrN coatings are amang the most frequently utilized PVD coatings. However, conventional single-layer coatings
often fall short of current demands. Consequently, superlattice coatings, featuring multiple layers at the nanometer
scale, have emerged. These multilayer coatings typically exhibit increased hardness compared to their single-layer
counterparts. This enhancement is variously attributed to the Hall-Petch effect, differences in shear moduli, or internal
stresses. Hardening is generally considered the primary driver for improved wear resistance. Yet, some researchers
argue that an increased ratio of hardness to elastic modulus is responsible for this improvement. Intriguingly, certain
studies (Steyer et al., 2008) have demonstrated that multilayer coatings can possess superior wear resistance even
when compared to single-layer coatings that are inherently harder.

Figure 11 presents a graph illustrating the cumulative energy dissipated as a function of worn volume for these three
distinct coatings, and indicates the superior wear resistance of the TiN/CrN multilayer coating compared to its monolit-
hic TiN -and CrN counterparts. This significant improvement is evident from its ability to withstand considerably higher
cumulative dissipated energy before failure, directly supporting the conclusion that multilayer architectures effectively
mitigate wear mechanisms by impeding crack propagation at their numerous interfaces (Mendibide et al., 2006).



56 | NORM FASTENERS AR-GE MERKEZI YAYINLARI | 2025

NORM FASTENERS R&D CENTER PUBLICATIONS | 2025 | 57

o T B T
- ’ -
o ai: | .
- ’ -
70 E " .
H ]
i s =-=l=-=-CrN ]
= 60 = - —
g F g —+— TiN/CrN| 3
vw 50 E ¢ Sy o
& YV F ’ .
= L 3
- g ™ ) =
g Wi .'o' =
2 | ™ , 3
s 30 = - on
£ . F % +

5 20 - .

x ’ n
= - ’ * . E
WE-,/ =8 g7 . -
[ A w2 ]
L, gt | 3
(1§ 7wl BRGrTIETA] ETEOSEITN FTRTRE U TS S0 8008 T S0P O s

0 1000 2000 3000 4000 5000 6000

Cumulative dissipated energy, J

Figure 11. Relationship between worn volume and cumulative dissipated energy for the distinct coatings
(Mendibide etal., 2006)

To elucidate how wear resistance is enhanced in TiN/CrN coatings, examining Figure 12 proves beneficial. Figure 12(a)
illustrates the damage mechanism initiated in a TiN coating after a certain number of impact loads. Cracks initially form
perpendicular to the surface but then change direction near the interface with the substrate, leading to spalling and
detachment of the coating. Figure 12(b) further depicts the delamination experienced by the TiN coating as a result of
this damage. However, as observed in Figure 12(c), in the TiN/CrN multilayer coating, cracks forming parallel to the
interfaces are quite extensive but do not coalesce or propagate through the structure, thus preventing detachment.
Additionally, these interface-parallel cracks in multilayer coatings are located at a greater distance from the substrate
compared to those in single-layer coatings.
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Figure 12. SEM images of cross-sections of (a) and (b) single-layer TiN and (c) multilayer TIN/CrN coatings after
impact test (Mendibide et al., 2006)

PVD pracesses inherently induce significant compressive stresses within the coating structure. In single-layer coatings,
the maximum compressive stress is concentrated near the coating-substrate interface. This stress generates strain in
both parallel and perpendicular directions relative to the interface. The strain in the perpendicular direction, in particu-
lar, results in tensile stress along that axis (Figure 14(a)). Consequently, crack propagation tends to occur perpendicular
to this tensile stress, in a plane parallel to the substrate-coating interface (Figure 14(b)). During tribological loading,
crack initiation can begin at low compressive stress levels, with crack progression continuing until the stress becomes
too high for further propagation. At this point, the crack begins to advance along the interface under the influence of ten-
sile stress (Figure 14(c)). When these cracks coalesce, they lead to material detachment, resulting in the characteristic
peeling failure (Figure 14(d)).
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Figure 14. Wear model of monolayer coating ((a), (b), (c), (d)) and multilayer coatings
((e), (), (g), (h)) (Mendibide et al., 2004)

For multilayered TiN/CrN coatings, while the entire coating remains under an overall compressive stress, individual
layers experience different types of localized stresses. Given that TiN and CrN layers grow epitaxially, and TiN has a
larger lattice parameter than CrN, each TiN/CrN interface results in the TiN layer being under compressive stress and the
CrN layer under tensile stress (Figure 14(e)). This assumption effectively explains the differing crack propagation me-
chanisms observed in multilayer coatings. The TiN layers, which are under compressive stress parallel to the interface,
also experience tensile stress perpendicular to the interface due to the same reasons observed in singlelayer coatings
(Figure 14(f)). Conversely, the CrN layers are under tensile stress parallel to the interface, causing them to experience
compressive stress perpendicular to the interface. Since cracks generally propagate perpendicular to the tensile stress
axis, they tend to extend horizontally (parallel to the interface) within the TiN layers and vertically (perpendicular to the
interface) within the CrN layers (Figure 14(g)). This results in crack deflections as they traverse between layers. Such
deflections effectively lengthen the crack path, increasing resistance to wear, and consequently making peeling failure
nearly impossible in these multilayer structures (Figure 14(h)).

As a result, TIN/CrN multilayer coatings significantly enhance wear resistance and extend service life by strategically
deflecting crack propagation at their numerous interfaces, thereby preventing the catastrophic delamination common in
conventional single-layer designs.

3. Conclusion

The persistent challenge of tool degradation in cold forming operations, manifesting as plastic deformation, wear, and
fracture, highlights the critical need for advanced surface engineering solutions. As this chapter has demonstrated,
enhancing the lifespan of cold forming tool steels is paramount for improving manufacturing efficiency, reducing costs,

and maintaining product quality. The exploration herein has covered a spectrum of coating materials and strategies, from
foundational single-layer coatings to sophisticated nanostructured multilayers, each contributing uniquely to the overall
performance envelope.

The examination commenced with TiN coatings, a long-standing choice in PVD applications for AISI M2 steels due to
their excellent adhesion and hardness. While studies have revealed variations in their tribological behaviour depending
on deposition method, with PVD sometimes presenting challenges related to surface topography and micro-welding, the
fundamental efficacy of TiN remains undeniable. Crucially, the practical relevance of TiN coatings can be significantly
extended through post-coating treatments. Deep Cryogenic Treatment (DCT), for instance, has been shown to induce
beneficial microstructural transformations, such as the conversion of retained austenite and the precipitation of fine
strengthening phases, alongside stress redistribution. These changes collectively elevate the hardness, wear resistan-
ce, and elastic modulus of the coating, affirming the continued viability of TiN as a costeffective solution in numerous
industrial contexts, even when more advanced materials are available.

Diamond-Like Carbon (DLC) coatings offer a compelling alternative, particularly due to their remarkably low coefficient
of friction. This attribute directly translates into substantial advantages: reduced wear, lower energy consumption, dec-
reased heat generation, and effective prevention of galling and seizure. However, the inherent internal stresses of DLC
films necessitate strategic approaches to ensure robust adhesion. The critical role of interlayers, such as chromium,
and pre-treatment methods like plasma nitriding of the M2 steel substrate, in establishing a strong interfacial bond and
promoting a beneficial hardness gradient was emphasized. These measures are crucial for unlocking the full potential
of DLC in demanding forming applications.

Further exploration of surface solutions led to CrAIN coatings, which consistently outperform conventional CrN. The
introduction of aluminium significantly refines the microstructure, promoting a denser, nanocrystalline arrangement
and inducing solid solution hardening. A standout feature of CrAIN is its enhanced high-temperature performance, where
it forms a stable, selflubricating aluminium oxide layer that markedly improves oxidation resistance and maintains low
friction under thermal loads. This superior thermal stability positions CrAIN as an excellent candidate for applications
experiencing significant heat generation.

By alternating layers of distinct materials, multilayer coatings, such as TiN/TiAIN and TiN/CrN, introduce a high density
of interfaces that effectively impede crack propagation, a phenomenon akin to the Hall-Petch effect. This leads to remar-
kable improvements in fracture toughness and wear resistance, often surpassing those of single-layer counterparts,
even at comparable total thicknesses. The detailed analysis of crack deflection mechanisms in TiN/CrN multilayers,
governed by localized stress distributions at the epitaxial interfaces, provided clear evidence of their enhanced damage
tolerance and near immunity to catastrophic peeling failure.

In conclusion, the selection of an optimal coating for cold work tool steels is a multifaceted decision. While foundational
coatings like TiN remain relevant, especially when enhanced by targeted post-treatments, the continuous advancements
in materials science offer increasingly sophisticated solutions. DLC coatings provide unparalleled friction reduction,
CrAIN excels in hightemperature and abrasive environments, and multilayer TiN/TIAN and TiN/CrN coatings, designs
present a robust strategy for combining synergistic properties and managing crack propagation. The data consistently
emphasizes that a deep understanding of the wear mechanisms, the specific demands of the forming process, and the
interplay between coating properties and substrate pre-treatment is paramount. As manufacturing continues to push
boundaries, the ongoing innovation in surface engineering of cold work steel tools will remain central to achieving hig-
her productivity, extended tool life, and superior product quality.
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Abstract

Indirect gains and verification obtained by using analysis programs in the manufacturing industry are becoming more
criticalin terms of competition and finance day by day, together with changing economic policies. Since medium-carbon
steels exhibit more ductile behavior than high-carbon steels, obtaining crack-damage formation with a standard com-
pression test is more challenging. In this study, the critical damage limit of C45E steel is examined in the cold forging
process, and the essential determination of damage limit with numerical methods and verification with experimental
methods are discussed. Compression tests are performed with the determined center flange test geometry to observe
the damage behavior better, and load-displacement graphs of C4SE steel are obtained. The load-displacement curve
of the material is used to determine the friction coefficient of the experimental environment. Numerical analyses are
performed with different Coulomb coefficient values, and the load-displacement graphs are compared. By examining the
load-displacement graphs of the numerical and experimental studies, the friction coefficient value of the experimental
environment was determined, and the Cockroft Latham critical damage value was determined as 0,42 for CASE steel
with a low sensitivity element number. The numerical analysis examined the effect of the element number on the damage
value. The compression test analysis was repeated by increasing the element number, and the critical damage limit of
C45E steel was determined as 0,47.

Keywords: Critical damage, Steel, Cold forging, Cockroft Latham
1. Introduction

Developing technologies and the competition brought by the economy cause mandatory development in engineering.
Companies need to be able to detect problems encountered in production in advance. It is aimed to prevent issues that
can be detected in advance by taking precautions in the design phase.

Inthe cold forging industry, the limit of foreseeability is the cracks and/or fractures formed on the material. Determining
the critical damage coefficient of the steel to be shaped allows for the necessary precautions to be taken before the for-
ging process and design studies to reduce the damage limit on the product. In the cold-forming process, forging-related
damages in the steel material are difficult to prevent. This problem leads to time loss and high costs.

As the carbon content decreases, it becomes difficult to determine the critical damage limit of steels with traditional
methods. This is because the material's malleability increases with the decrease in carbon content, making it challen-
ging to observe crack or fracture behaviors. Compression testing is essential to determine the critical damage limit of
CASE steel with a medium carbon content to prevent damage problems encountered in the cold-forming process. Some
damage models have been used to determine the critical damage limit of materials. In numerical analyses performed
using these damage models, the critical damage limit value determined by experimental methods is used. Thus, the
crack behavior that may occur in the material can be determined before starting the production process. Still, if the

critical damage limit of the material does not exist, such a risk cannot be determined in the numerical analysis. One of
the most common of these models is the Cockroft-Latham damage model. This model is preferred because it focuses on
the maximum principle stress that usually increases when crack formations are observed in the cold forging process.

Studies on critical damage limits are separated in terms of damage criterion, material, and process used in the literature.
Studies on non-steel materials have mainly been conducted on aluminum, magnesium, and copper alloys. In studies on
ductile fracture with steel materials, medium and high-carbon steels were preferred.

Predicting and analyzing ductile fractures in steel production processes is very important. Ductile fracture is a pheno-
menon that occurs as a result of the coalescence of microstructural damages during the plastic deformation phase of
the material. Studies on the prediction of this phenomenon are generally examined under three main headings. The first
of these is micro-based damage mechanics based on the nucleation of voids and their growth and coalescence when
subjected to stress, and the first studies on these criteria were included in the literature as the McClintock criterion [1]
and the Rice and Tracey criterion [2]. When subjected to stress and damage formation, these criteria are based on the
growth and coalescence of cylindrical and spherical voids within the material. Although micro-based damage mechanics
models have various advantages, determining material parameters is not practical. These models prioritize hydrostatic
stress by considering the voids within the material while neglecting shear stresses. The second group of studies on
ductile fracture has been addressed as experimental or semi-experimental approaches. In this group of studies, a scalar
function is defined, and it is predicted that ductile fracture will occur when a unitless coefficient exceeds a specific criti-
cal limit due to the function depending on the stresses. Being dependent on a scalar function allows it to be easily added
to numerical studies. In the second group, a scalar function commonly includes the stress tensor and practical plastic
strain components. The Cockroft Latham [3] damage model proposes a function depending on the maximum principal
stress and effective plastic strain. The third model, continuum fracture mechanics, formulates irreversible microstru-
ctural weakening in the light of a mathematical structure representing an internal variable coupled with deformation.
The basis of the approach was laid by Kachanov [4] and Rabotnov [5]. The concept of effective stress was presented for
metal fractures due to creep. Lemaitre [6] is a frequently used continuum damage mechanics model. Continuum damage
mechanics have been developed to include anisotropy, thermal effects, and finite deformation [7].

In this study, the critical damage limit of C45E steel is examined in the cold forging process, and the essential determi-
nation of damage limit with numerical methods and verification with experimental methods are discussed. Compression
tests are performed with the determined center flange test geometry to observe the damage behavior better, and lo-
ad-displacement graphs of C45E steel are obtained. The load-displacement curve of the material is used to determine
the friction coefficient of the experimental environment. Numerical analyses are performed with different Coulomb coef-
ficient values , and the load-displacement graphs are compared.

2. Material and Method
The experiments in this study were carried out with the Galdabini Quasar 200 testing machine with a maximum tensile

and compressive force of 200 KN (Fig. 1). This device includes jaws that allow fixtures and molds of various geometries
to be easily adapted to the device.
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Fig. 1 Galdabini Quasar 200 test machine

Inthe traditional compression test, C45E (0.46% C) steel material with medium carbon content was preferred to achieve
relatively more straightforward damage behavior than steels with low carbon content. Experimental compression tests
were performed with 810 mm C45E material from VoestAlpine company, which was given a material composition cer-
tificate in Table 1. "SA*" means sample analysis and "DR*" means data report. Material flow curves were created using
the component ratios in the material composition certificate. The shaping curves of the material characteristic formed
according to different strain rates under load at 25°C temperature were transferred to the Simufact program.

Table 1. C45E steel chemical composition

SA* c Si Mn P S Cr Ni Cu Al Ti Mo v w

DR* | 0,4613 | 0,0869 | 0,6572 | 0,012 | 0,0234 | 0,0236 | 0,0148 | 0,0147 | 0,036 | 0,0004 | 0,0042 | 0,0007 0
B N

SA* Sn Nb 0 As Sh Ir Pb Co Ca Ta | Hlppm]
DR* 100002| 0 0,0037 0 0,002 | 0,0029 | 0,0001 0 0,0001 | 0,0025 | 0,0016 0 0

In the determination of the geometry of the sample to be used in the compression test by processing it from 810 mm
C45E steel material on a CNC lathe, it was observed that the most commonly used geometries in the literature review
were straight cylindrical, angled cylindrical and flanged cylindrical samples. Since it is difficult to estimate the location
of the crack that will occur on the geometry in the compression test in straight cylindrical or angled samples, com-
pression tests were carried out with the central flanged cylindrical sample whose geometry is given in Fig. 2. In the
compression test, the damage coefficient that will increase in the regions below and above the flanges in the specific
central flanged sample makes it easier to observe the crack as it occurs.

0620 05
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09:0.05

Fig. 2 Specimen geometry used in compression test

The surface roughness values measured radially from the flange on the sample not subjected to compression test and
the samples numbered 10, 11, and 12 subjected to compression test with the Mitutoyo SJ-400 surface roughness device
are givenin Table 2.

Table 2. Surface roughness values taken from samples

Specimen Status Ra (pm) Rz(ym)

Not compressed 0,65 42
Compressed specimen 10 1,32 8,5
Compressed specimen 11 1,03 0,6
Compressed specimen 12 1,55 1,1

3. Damage Model Selection

In fracture mechanics, an accumulated plastic work limit is considered. Since it is known that different stress states
(Eq.1and Eq.2) affect the damage to the material, some equations have been proposed to determine the limits of isotro-
pic materials under multiaxial loads.

_ [(01=02)%+ (92—03)?+(03-01)? ])
oym = 2

01+0'2+D'3

Oy = 3

2)
The Freudenthal damage model in Eq. 3 suggests a function that depends on the equivalent stress and effective strain.
Since it uses only the van Mises stress, its predictions remain superficial compared to other damage models. Peq rep-
resents the von Mises stress, & represents the effective strain, & represents the effective strain at the moment when
ductile fracture occurs.

f;_faequ' = C,(Freudenhtal) 3)
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The Cockroft Latham [3] damage model in Eq.4 suggests a function depending on the tensile stress and effective strain.
This model, which is widely used, is preferred because of its simplicity, accurate results in the relevant process, and fast
approach. omax represent maximum principle stress. The Cockroft-Latham damage model is based on a scalar function
and is generally used in mass form.

I Z’"T:”dg = C,(Cockroft Latham) 4)

The McClintock damage model [1] in Eq. 5 is the first model based on void growth. It assumes that there are round or
elliptical voids in the material and that these voids grow and merge under load. The symbol n is the strain hardening
coefficientin the Ludwig-Holomon stress-strain relationship. Pa ve b are the principal stresses in the direction of the
largest and smallest gap deformation.

f:_f [J—fmsinh (@%) + ;%] d& = C3(Mcclinctock) 5)
The Rice and Tracey damage model [2] given in Eq.6 developed a model based on void growth like the McClintock dama-
ge model. In this model, the propagation speed of microcracks and voids formed in the material varies depending on the

ratio of hydrostatic stress to von Mises stress. Here, o.represents the material constant, and o represents hydrostatic
stress. Itis claimed to be successful in metal-cutting processes.

f;—f exp (M—:) dé = C,(Rice and Tracey) 6)

O,

The Oyane damage model [8] given in Eq. 7 was developed by considering the hydrostatic stress. It has been suggested
that it is more successfulin its predictions due to the effect of the material constant in hot-forming processes.

f:_f (a + :TZ) dé = C5(0yane) 7)

The Brozzo damage model [9] given in Eq. 8 was modified from the Cockroft-Latham damage model to include hydros-
tatic stress.

f;—fﬁﬁd5= C¢(Brozzo) 8)
The Ayada damage model [10] given in Eq. 9, unlike Oyane, has studied the critical damage limit with hydrostatic stress
and von Mises stress without considering the material constant.
i (;f:) dé = C,(Ayada) 9)
The Zhan damage model [11] given in Eq. 10, slightly different from other damage models, proposed a model based on
the difference between the maximum principal and hydrostatic stress.

Iog(amax - GH)dE = CS(Zhan) ]U)

These damage models used to determine the critical damage limit aim to obtain a unitless critical damage coefficient
based on stress or stresses. It is essential to use a vital damage model suitable for the process to be studied and to
abtain the closest estimate to the result to be realized in numerical analyses. In cold forming processes where forms
such as square, cylindrical, and hexagonal are shaped, damage occurs on the material at the point where the maximum
principal stresses formed on the sample reach the critical damage limit of the material. In the study conducted by J.

Landre et al. [12], Cockroft-Latham damage model is deemed more successful in cold forging because it focuses on
the accumulation of plastic deformation due to tensile stresses, which are the primary cause of damage in cold for-
ging processes. The model's simplicity allows for quick and reliable predictions, especially in conditions where high
compressive stresses prevail, as it disregards the effects of hydrostatic pressure, unlike other more complex models.
This makes it a practical and efficient tool for predicting crack initiation, with proven accuracy in both experimental and
numerical studies. In the model that connects the maximum principal stress and von Mises stress to a scalar function,
such as the Cockroft-Latham damage model, the simple and easy application of the model to numerical analyses makes
the use of this model quite widespread. For these reasons, numerical analyses were performed on the Cockroft Latham
damage model in the study.

4. Compression Experiment

In the compression test with 13 C45E samples, a crack was encountered after a displacement output of 6.9 mm in the
flanged sample placed between two jaws, with a pressing speed of 5 mm/min. Since the measurement tolerances of the
samples processed with the machining method may affect the displacement-crack behavior, it was assumed that the

crack initiation would occur in the sample between 6.85 and 6.95 mm displacement (Table 3).

Table 3. Displacement-crack status chart of compression-tested samples

Specimen Displacement Crack Status Specimen Specimen Displacement Crack Status Specimen
Number (mm) Number (mm)
1 5 No Cracks ? 7 6,50 No Cracks
] L=
2 6 No Cracks 8 6,70 No Cracks g
3 6,3 No Cracks ' 9 6,80 No Cracks
- _—
B
4 6,33 No Cracks ! 10 69 Cracked ,
— s
5 6,37 No Cracks ', n 69 Cracked -
o P
6 6,50 No Cracks - 12 7 Cracked %"
13 7 Cracked ;‘

The Coulomb friction coefficient of the test environment will be determined based on the curves obtained from the com-
pression test graphs. The numerical analysis results repeated with different friction coefficient values in the Simufact
program will be compared with the compression test load-displacement graphs from which the crack was obtained,
and the friction coefficient value with the closest curve to the compression test graphs will be accepted as the friction
coefficient of the test environment (Fig. 3). It was decided to determine the friction coefficient by selecting the graph
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of sample number 10, which was the first sample to obtain a crack at the lowest displacement from the four different
load-displacement graphs from which the crack was received, as a guide.

90000
80000
70000
60000
z
> 50000
8
= 40000
30000
20000 -
10000
0 T T
0 2 4 6 8
Displacement (mm)

Fig.3 Load-displacement graph of sample number 10 in a compression test
5. Numerical Study

After repeating the experimental compression test performed with C45E material numerically, the aim is to determine
the critical damage limit of the material according to the Cockroft Latham damage model. The FE model is developed in
Simufact Forming software using the cold forming application module. An axisymmetric model, consisting of a workpie-
ce, an upper plate, and a fixed lower plate, is developed. The workpiece is selected as elasto-plastic, while the plates are
selected as rigid bodies. The workpiece geometry is meshed using quadrilateral elements with a 0.05 mm element size
which is shown at Table 4. A constant Coulomb friction coefficient of 0.01 is defined for all contacting surfaces. A hyd-
raulic press with a constant speed of 5 mm/sec is defined, and the upper plate is attached to this press. The workpiece
materialis C45E steel. The material is assumed to be isotropic both elastically and plastically. The hardening behavior of
the material is assumed to follow Ludwick's power law. To determine the friction coefficient, multiple analyses were per-
formed using low-density mesh, and then the simulation was repeated by increasing the finite element mesh density with
the friction coefficient model having the closest curve. This is to minimize the time lost while the simulation is running.
With the friction coefficient to be determined, the mesh number of the finite elements belonging to the geometry in the
numerical analysis will be increased from 3028 to 15 537. Additional element density will be added to the base surfaces
in the geometry, and the analysis will be repeated. Improving the mesh quality increases the sensitivity of the damage
coefficient value obtained from the results and the estimation of the area where the damage occurs.

Table &. Finite element analysis parameters

. Ambient Specimen .
Element Size Element Count Element Type Tomperature (%) | Temperature(c?) Work Piece Jaws
0,1 3028 Quads(10) 25 25 Elastoplastic Rigid

0,05 15537 Quads(10) 25 25 Elastoplastic Rigid

In the analyses repeated with Coulomb friction coefficients of 0.01, 0.05, 0.08, 0.09, 0.1, 0.15, 0.2, and 0.3, it was ob-
served that as the friction coefficient increased, the effective plastic strain on the geometry also increased (shifting from
blue to red). It is observed that with the increase in friction, there is a tendency towards the geometry called barreling
on the bottom and top surfaces, and with the decrease, the geometry tends towards the inverted hat form. As effective
plastic strain increases, the level of plastic deformation in the material rises. Since the Cockroft-Latham criterion is
calculated based on effective plastic strain, the probability of reaching the damage threshold also increases.

Table 5. Effective plastic strain results of numerical compression tests performed with different friction coefficients at
6.9 mm displacement value

Cueffi((ggﬂtoon:{]r)ictiﬂn Result (@6.9 mm) Coeffi(([::is'rjltour;;r)iction Result (@6.9 mm)
0,01 01
0,05 0,15
0,08 0,20
0,09 0,30

After comparing the experimental and numerical results by generating separate force-displacement graphs of the analy-
ses made with different friction coefficients mentioned above in Fig. 4, the closest numerical analysis friction coefficient
model to the load-displacement graph of the flanged sample with the crack was determined as 0.01 Coulomb. This
value will be used as the friction coefficient parameter of the setup in the simulation, where we will evaluate the critical
damage limit. The error margin between the experimental curve given in Fig. 4 and the load-displacement curves of the
analysis with 0.01 Coulomb coefficient was calculated as 5.71%. The displacement value of 6.90 mm was divided into
0.50 mm intervals. The force difference at the same displacement value of the experimental and analysis curves was
calculated as a percentage, and the result was obtained.
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Fig. 4. Comparison of force-displacement results of experimental and numerical compression tests
with different friction coefficient values

Increasing the number of elements generally improves the accuracy of the results since the model captures stress/stra-
in distributions more precisely but extremely small elements can introduce rounding errors and numerical instabilities,
reducing solution reliability. In the repeated analysis with improved parameters quality, the critical damage coefficient
was determined as 0.47 according to the Cockroft Latham damage parameter with a friction coefficient of 0.01 ata 6.9
mm displacement value (Fig. 5). The damage coefficient value 0.47 represents the maximum damage limit at which C45E
steel can be formed without damage. While the damage coefficient was 0.42 in the analysis performed with low-density
mesh, the damage coefficient was 0.47 in the repeated analysis with improved mesh quality. As mesh density increases,
the solution stabilizes and stops changing significantly. At this point, the solution is considered converged. The effect of
mesh quality on the result is given in Figure 5.

0,50

Damage

0,40

0,30

T T T T T T
0 2500 5000 7500 10000 12500 15000 17500
Number of elements

Fig. 5 Effect of mesh qualities on damage coefficient

In the Simufact program, analyses were performed at a displacement value of 6.9 mm using different Coulomb friction
values to determine the friction coefficient of the experimental setup used for compression tests. The load-displacement
curves obtained from these analyses were compared with the load-displacement curve of the experiment in which crack
formation was observed in the Galdabini device. As a result, the analysis that gave the closest load-displacement curve
to the experimental graph was taken as a reference to determine the friction coefficient. By repeating the numerical
analysis with the determined 0.01 Coulomb friction force value and the 6.9 mm displacement value, a Cockroft Latham
damage value of 0.47 was obtained at the value where the crack was obtained. The determined 0.47 critical damage limit
value indicates that the damage that may begin due to the stresses formed on the material will occur when the Cockroft
Latham damage value of 0.47 is reached.

6. Results and Discussion

As a result of the compression test performed at room temperature, a crack was detected on the sample at a displace-
ment value of 6.90 mm. In the numerical analyses, a Cockroft Latham critical damage limit of 0.42 was determined at a
displacement value of 6.9 mm in the geometry with 3028 elements. In contrast, a Cockroft Latham critical damage limit
value of 0.47 was obtained in the geometry with 15 537 elements. This value indicates the maximum value that the C45E
material can be subjected to plastic deformation without suffering damage at the macro level with the experimental and
numerical analysis parameters.

The difference between the experimental load displacement and numerical curves was examined by taking the ave-
rage force values at each 0.50 mm displacement interval. Reviewing the 6.9 mm displacement value where the crack
occurred, the deviation rate between the two curves was 5.71%. As the displacement amount increased, tool marks
and flaking caused by principal stresses were observed on the material; the width of the crack formed with increasing
displacement increased from 0.3 mm to 1.24 mm and its length from 0.68 mm to 1.77 mm.

When the study results are compared with the existing studies in the literature, important conclusions have been made
about the accuracy of the methods used and the effectiveness of the damage model. In the study conducted by J. Landre
etal. [12] the damage effects of different geometries were investigated in the tests performed with AISI1040 (%0.40C)
steel alloy and in the study conducted by Sampaio et al. [13] with AA6082 aluminum, and as in this study, damage
behaviars that could not be obtained with conventional test methods and geometries were observed with the sample
geometry explicitly determined for the C45E material, which was not previously encountered in the literature (Fig. 6).

(a) b)

Fig. 6 Images of cracks obtained with center flange geometries (a) AA6082 [13] (b) C45E
Image (a) adapted from [Rui F.V. Sampaio et al 2023, On the utilization of radial extrusion to characterize fracture forming limits. Part
II: testing and modelling, Materials Research Proceedings]. Used with permission.
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As in the studies of authors such as Ozgiir Kocak [14] ,Rui F.V. Sampaio et al. [13], Tibor Kvackaj et al. [15] the crack
formed in the flange region of the center-flanged sample in the compression test conducted in this study occurred atan
angle perpendicular to the flange plane (Fig. 7).

(a) b)

Fig. 7 Cracks occurring at an angle perpendicular to the flange plane (a) the Crack angle formed on the flange,
Sampaio et al.[13] (b) Crack angles of samples numbered 10 and 11 at 50x zoom
Image (a) adapted from [Rui F.V. Sampaio et al., 2023, On the utilization of radial extrusion to characterize fracture forming limits.
Part II: testing and modelling, Materials Research Proceedings]. Used with permission.

Stebunov, S. etal.(2018) [16] emphasized in their study comparing different damage models that the Cockroft-Latham
model gives the most accurate results, especially in ductile materials. Similarly, this study's results obtained with the
Cockroft-Latham model were consistent with the experimental data (Fig. 8).

(a) b)

Fig. 8 Damage intensity and crack images in CL damage model (a) 1040 [16] (b) C45E
Image (a) adapted from [Stebunav, S. et al, 2018, Prediction of fracture in cold forging with madified Cockcroft-Latham criterion.

Pracedia Manufacturing]. Used with permission.

1. Conclusion

In future studies, it is recommended that each component be studied to calculate the friction coefficient of the com-
ponents of the experimental setup containing more than one component. In order to correctly determine the friction
coefficient of each component, multiple repetitions should be made in the analysis environment and matched with the
experimental graphs. However, this will require a large number of analyses and long analysis times. In the analyses
to be performed, modeling the experimental setup components as elastic instead of rigid will also take into account
the deformations that these parts are exposed to in the elastic region during the experiment. In this way, the obtained
load-displacement graphs will provide analysis outputs closer to the experimental results with a deviation lower than
the 5.71% deviation rate calculated in this study. During the experiment, the machine adaptation will be made so that
the machine elements such as jaws, bearings, bushings, etc. in the test device, which can flex under load, do not affect
the load-displacement graph obtained as a result of the experiments, and this will increase the sensitivity of the results
in the analysis environment by reducing the difference between the load-displacement graphs taken as reference in
determining the friction coefficient of the experimental environment.

In future studies, instead of the material model created with the material chemical composition certificate in the nume-
rical environment, transferring the flow curves obtained from experiments with different strain rates and temperature
values to the simulation will reduce the error margin originating from the material model. Creating the material model
by performing these experiments will increase the sensitivity of the analyses in the determination phase of the friction
coefficient and of the compression test environment and the analyses performed after the compression test.
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Abstract

Self-clinching nuts are increasingly used in automotive industry for fastening bolts to metal sheets which are too thin
to be threaded directly. To ensure safe and reliable use, this type of nuts must meet defined mechanical performance
criteria, such as push-out and torque-out resistance. Finite element analysis (FEA) plays a crucial role in observing the
deformation of the sheet metal during the clinching process and in assessing whether the nuts meet the expected per-
formance standards. This study focused on the development of finite element models for clinching, push-out and torqu-
e-out tests for self-clinching nuts. The accuracy of the developed models was evaluated by comparing their results with
corresponding experimental data. The findings of the study revealed that mesh quality significantly affect the accuracy
of the simulation results. Additionally, it was observed that the compliance of the testing machine plays an important role
in the discrepancy between experimental and simulation outcomes during the clinching process.

Keywords: Fasteners; finite element analysis; self-clinching nuts; torque-out resistance; push-out resistance
1. Introduction

A traditional clinch nut is permanently assembled into a portion of metal sheet, forming a mechanically interlocked
joint that makes the nut a permanent part of the sheet. The nut is assembled by deforming the sheet metal, rather than
welding the nut. It, therefore, offers stronger and more durable joints. This type of nut is commonly used in automotive
industry for fastening bolts to metal sheets that are too thin to be threaded directly [1-3]. Typical applications include
body-in-white assembly, interior trim and instrument panels, seating systems, and more.

Installation of the typical clinch nut can be described as follows: first, the nut is positioned into a preformed hole in the
sheet, and when an external axial force is applied to the nut, the bulge formed on the flange causes the sheet material
to displace, flowing into the undercut area of the nut. The force continues until the top of the flange is fully seated on
the sheet. At this stage, the displaced metal fills the undercut and the nut become integral part of the sheet metal [4,5].

After clinching, the nut must satisfy two critical mechanical performance criteria: torque-out resistance and push-out
resistance. Torque-out resistance ensures that the nut does not rotate relative to the sheet when a bolt is inserted and
tightened, while push-out resistance prevents the nut from being pulled out of the sheet under external axial loading [6].

Balon et al. [7] researched the joint strengths of M10 and M12 nuts after clinching process. For this study, 200 and
250 kN forces were used to clinching of M10 and M12 nuts, respectively. The sheet material was selected as DP-500
ultra-high strength steel and the nut material was selected as 35B2 special alloy. Results of the research showed that
the self-clinching process strengthens the used parts in the joining area and reduced the impact of temperature.

Gardstram [8] conducted a finite element study to simulate a pierce nut installation process using Deform-2D and
Abaqus-Explicit. Three different models were developed for various purposes: a 20 model, a 3D0-180 model, and a 3D-
360. DP600 with a thickness of 1.5 mm was selected as the sheet material. The study indicated that for the centered
nut system, the 20 model was the most reliable and time-effective. However, the 2D model was insufficient for handling
eccentric situations. Additionally, the research highlighted a discrepancy between experimental and simulation results,
attributing to the selected fracture criteria for cutting step.

Daud [6] investigated the effects of various parameters such as hole geometry, sheet thickness, and material type on
the performance of a self-clinching nut. Torque-out tests were conducted on the samples using a semi-automatic torsion
machine, with five different levels tested for each parameter. Each test was carried out until the nut either rotated or ex-
perienced failure, and the associated torque values were measured. The Taguchi Method was then applied to evaluate the
influence of each parameter and to determine the optimal parameter combination. The results of the study indicated that
hole diameter is the most influential parameter within the selected parameters affecting the torque-out performance of
the nut for the tested sheet materials.

Finite element analysis plays a crucial role in examining the contact conditions between components and assessing
the strength of joints. Numerous studies in the literature have focused on the development of finite element models for
various types of joints, including welded, adhesively bonded, bolted, and riveted connections etc. [9-15].

In addition to research articles in the literature, there are also many patents about clinch nuts [16-20]. However, there
is a noticeable lack of studies that comprehensively examine finite element models of mechanical performance tests
of clinch nuts. This research focused on the development of finite element models for clinching process of a nut onto a
sheet material. In addition, finite element models were developed to simulate the push-out and torque-out behaviours
of the clinched nut. The accuracy of the developed models was evaluated by comparing their results with corresponding
experimental data.

2. Experimental and Numerical Studies
2.1. Experimental

Initially, a specific clinch nut geometry was selected for the study. The nuts were produced with a horizontal six-station
cold forging machine, followed by a tapping operation to form internal threads. After forming, the nuts were clinched
into sheet metal, and their mechanical performance was evaluated through push-out and torque-out tests. The nuts
were produced from 17MnB3 steel, which has a yield strength of 354 MPa and an elastic modulus of 210 GPa at room
temperature. The sheet metal used was DCO4 steel, with a yield strength of 230 MPa, an elastic modulus of 210 GPa, and
athickness of 2.90 mm. The geometry of the sheet metal employed during the clinching processisillustrated in Figure 1.
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Figure 1. Sheet metal geometry used in experimental tests

The clinching and push-out tests were performed by using a universal tensile testing machine, while torque-out tests
were performed with a digital torque-meter. During the clinching, the nut was placed into the preformed hole in the sheet
and the force applied to the nut was gradually increased until the top of the nut was fully seated on the sheet. It was
verified by taking a cross section whether the nut was fully seated on the sheet metal (Figure 2).

Figure 2. Cross-sectional view of the joint, showing the interlocking features between the clinch nut and
the sheet metal after the clinching process

After the clinching process, push-out tests were conducted on a group of nuts clinched onto the sheet using the test
setup shown in Figure 3. An external threaded part was inserted to nut and an axial compression force was applied to
this component. Force-displacement curve was recorded throughout the test.
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Figure 3. The set-up for push-out tests

Following the push-out tests, torque-out tests were carried out on a separate group of nuts. In these tests, bolts of
property class 10.9 were inserted into the nuts, and torque was applied using an Atlas Copco STWrench (Figure 4)
and it was checked whether the nut rotated at the minimum defined torque value. The bolts were selected based on the
property class of the corresponding nuts.

Figure 4. The test set-up for torque out tests

2.2 Numerical Studies

In this section, first, forming simulations were carried out in order to obtain nut geometry with actual corner losses and
dimensions. Simufact Forming software is used for the finite element analysis. Forming simulations started with an axis-
ymmetric model, consisting of a workpiece, stationary die and moving die components. Throughout the simulation, the
workpiece was transferred sequentially between stations, from cutting to piercing, to accurately obtain the deformation
hardening effects experienced by the nut. First four stations, including cutting, was modelled as 2D-axisymmetric, while
the final three stations were modelled as 3D-180°. The workpiece was selected as elastoplastic, and the die components
were selected as rigid. At the final forming station, the nut was meshed with hexahedral elements with an 0.16 mm
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element size and 61,202 total element count. The material, 17MnB3, was assumed isotropic in both elastic and plastic
behavior, with its hardening characterized by Ludwik's power law.

In the second part of numerical studies, finite element models for clinching, push-out and torque tests were developed.
In clinching simulations, the nut geometry obtained from forming simulations was used as workpiece material thus,
increasing the accuracy of the model. The friction coefficient of the nut coating, 0.13, was used as the friction coefficient.
The sheet metal was modeled as elastoplastic, with DC04 steel as the material, whose chemical composition determined
by spectro analysis is provided in Table 1. The nut was initially modeled as elastoplastic in the first analysis (Figure 5). It
was then modeled as rigid, and the results of the two analyses were compared in terms of the differences between their
load-displacement curves and solution times. Since the obtained load-displacement curves were nearly identical, the
nut was ultimately modeled as rigid and threadless to reduce the solution time. In addition, to shorten the solution time,
the sheet metal was not modeled with its full external dimensions. Instead, a reduced section representing the critical
area of interest was defined. A rigid part surrounding the outer edges of the modeled sheet section was also created and
gluedto it. This approach aimed to accurately simulate the real test conditions while optimizing computational efficiency.
The sheet metal was meshed using 88,372 hexahedral elements with a 0.2 mm element size, determined through a mesh
sensitivity study. The test apparatus was drawn exactly in accordance with the dimensions used in the experiments and
was used rigidly during the analysis. A 5 mm/min constant speed hydraulic press is defined for the clinching process.
Since the tests on the test device were carried out with force control, the model created was designed to stop when the
press force reached 120 kN (Figure 6).

Table 1. Chemical composition of the sheet metal (wt.%)

C Mn P S Cr Mo Ni Al Cu Ti v Sn
0.058 | 0195 | 0.013 | 0.011 | 0.053 | 0.005 | 0.045 | 0.067 | 0.090 | 0.002 | 0.001 | 0.001

For the push-out and torque tests, the deformed sheet metal from the clinching simulation was used as the workpiece
material. Push-out simulations utilized a 3D model with a 180° segment, while torque tests employed a full 3D 360°
model. In both cases, the nut was modeled as rigid. An axis of rotation was defined for the torque-out tests, where the
nut was rotated at an angular velocity of 20 rpm (Figure 7).

Upper die

Lower die

Figure 5. Scetch of the finite element model of the clinching process with elastoplastic nut and sheet metal

Upper die

Figure 6. Scetch of the finite element model of the clinching process with rigid nut and sheet metal

Figure 7. Scetech of the finite element model of the clinching process with rigid nut and sheet metal
3. Results and Discussion

Load-displacement curves of five samples from clinching tests are given in Figure 8. The tests were carried out with
force-controlled mode and they were stopped when the press force reached 120 kN. According to results, all samples
follow the similar paths during clinching and under 120 kN force, displacement required to obtain a full engagement
between sheet metal and nut is between 1.86 to 1.90 mm. To facilitate comparison between experimental and numerical
results, the average load-displacement curve of the tested samples was plotted and is presented in Figure 9.

120 4 |~ Sample 1
Sample 2
Sample 3
Sample 4
Sample 5

60

40

100

Load (kN)

~
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0 0.5 1.0 1.5 2.0
Displacement (mm)

Figure 8. Load-displacement curves of experimental clinching tests
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Figure 9. Average load-displacement curve for experimental clinching tests

In order to be compatible with the experimental studies, the clinching process was carried out with 120 kN in the finite
element analysis. The sheet metal was initially meshed with hexahedral elements using an element size of 0.85 mm,
resulting in a total of 3,842 elements. To investigate the effect of mesh density on the results, the element size was
gradually reduced in steps down to 0.2 mm. The results appear to converge at an element size of 0.3 mm, corresponding
to a total element count of 26,386, as shown in Figure 10.

To shorten the solution time, the nut was modeled as rigid and threadless. However, to evaluate the effect of this assump-
tion, a separate finite element model was created in which the nut was modeled as elastoplastic. The load-displacement
curves of the two models were then compared. The results showed that the curves (Figure 11) were almost identical,
but the solution time of model with elastoplastic nut was four times higher. Therefore, the remaining analyses were

performed using the rigid nut model.
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Figure 10. Effect of element count on the final stroke at 120 kN clinching force
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Figure 11. Effect of modeled nut on the results

Then, material flow was investigated, as presented in the Figure 12, the sheet metal was deformed and flowed into the
undercut area. Increased contact between the nut and the sheet metal led to greater deformation. Furthermore, a change
in the sheet metal temperature was also observed. The load-displacement curve was plotted for the simulation results.
Figure 13 shows the average curve of experimental results and the curve obtained from the simulation. A significant
discrepancy is observed between the curves. In order to obtain more accurate simulation results, the compliance of
testing device during experimental tests was investigated.

The compliance of a test machine can be explained as the overall deformation that occurs in its components during tes-
ting. It's a measure of the flexibility of the machine or how much it deforms in response to an applied force. Compliance
is typically an undesirable feature, because it can introduce errors or inaccuracies into the test results. In the case of a
compression testing machine, compliance includes the deformation of the machine itself, when the force is applied to
the test sample. This deformation is typically much smaller than the deformation of the sample itself, but it still needs to
be accounted for more reliable results.

Effective plastic strain
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115
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029

14

0
0.00

(a)
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Effective plastic strain
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(d)

Temperature [*C]

(e)

Figure 12.a) Nut and deformed sheet metal after clinching, b) effective plastic strain, ¢) contact,
d) contact pressure, e) temperature on the sheet metal

According to literature, there are three methods to calculate compliance of machine which can be listed as: i) direct
method, ii) elastic deformation of known material, iii) finite plastic strains. In the direct technique, a compression test is
performed without any samples between the plates, and the load-displacement curve of this test is plotted. Then, curve
fitting is applied, and an expression for the machine compliance in terms of the applied load is derived [21].

To find the compliance of the testing device, direct technique was applied and compression test was performed without
any samples between plates. Force-displacement was plotted and linear curve fitting was applied (Figure 14). After
obtaining slope of the curve, by using Equations (1)-(3) necessary calculations to obtain actual deformation of the
samples were made. By subtracting the deformation of the machine components (compliance) from the total measured
deformation, a corrected curve was obtained, which is referred to as the compliance curve in Figure 15. After applying
compliance correction from the experimental curve, the slope changes, and the displacement values at given loads
become similar to those from the simulation. The percentage error between experimental and simulation displacement
results at 120 kN was calculated as %52, whereas the percentage error between compliance corrected and simulation
results was reduced to %3.

F
tana=K=g 1)
F
SC_E 2)
6s = 6r — b¢ 3)

withd, d, and d : Deformation of the machine components (mm), total deformation (mm) and deformation of the sample
(mm), respectively.
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120 Average After obtaining a reliable model for clinching, a finite element model for push-out test was developed. The deformed
—— Simulation sheet metal from clinching simulations was used as workpiece material and other parameters were kept same as the
100 - clinching model. At push-out simulations, simulation was run until the nut separated from the sheet metal as presented

in Figure 16. Obtained load-displacement curve from simulations is given in Figure 17. 5.92 kN of push-out force was
required for the simulated model. According to the experimental results (Figure 18), the push-out value varies between
5.3-5.83 kN. Thereis a 1.7% error between the best experimental data and the simulation result, and approximately 6%
difference with the average experimental data. This variation is due to fluctuations in the collar diameter of the nut, collar
40 height and angle of the collar coming from cold forging process. The most ideal situation was created in the simulation
model.

80

60

Load (kN)

20

T
0 0.5 1.0 15 2.0
Displacement (mm)

Figure 13. Load-displacement curves of simulation and average experimental results
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Figure 16. Separation of the nut from sheet metal during push-out simulations
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Figure 15. Load-displacement curves of simulation, average experimental and compliance
corrected experimental results
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* The compliance of the testing machine has a significant impact on the experimental results during the clinching

~ -~ Sample 1 . . .
6 - - - -Sample 2 process, where the sheet metal is compressed toward the nut and deformed. Deformation of the machine compo-
K el L ij;":f: nents introduces inaccuracies into the experimental results, leading to discrepancies between the experimental and
51 o Simulation simulation results.

e After obtaining compliance-corrected experimental curves, the developed finite element model for the clinching
317 process was accurate enough to predict results within a 3% error. The reliability of the clinching model also affected
the prediction capability of the finite element model for the push-out test, which predicts results with a 6% error. This
error can be reduced if the production technique for the nuts is changed. Due to the nature of the cutting step in cold

Load (kN)
N

& forging, fluctuations in nut dimensions occur during mass production, which affect the experimental results.
% 05 10 15 * In this study, the torque-out simulation results could not be fully verified up to 102 N-m since the bolts failed before
Displacement (mm) reaching this torque in experiments. To validate the simulations, bolts with a higher property class can be used and

the experiments repeated.
Figure 18. Load-displacement curves of experimental push-out tests
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Abstract

WC-Co cemented carbides are composite materials produced by binding hard WC particles within a metallic Co matrix
via liquid phase sintering. Due to their excellent wear resistance and toughness, they are widely utilized in cold for-
ming dies; however, the cobalt matrix exhibits low corrosion resistance in aggressive environments. enhance surface
properties, boriding treatments are employed, forming a hard and chemically stable boride layer that improves both
wear and corrosion resistance. Process parameters such as boriding temperature and duration significantly affect the
structural integrity of this layer, thus effecting corrosion performance. In this study, WC-Co material containing 19% Co
was subjected to pack boriding at 900 °C, 950 °C, and 1000 °C for 4 hours to evaluate the effect of boriding temperature
on corrosion behavior. Corrosion resistance was assessed using potentiodynamic polarization testsina 1 M 3.5% NaCl
solution, and corrosion rates (mm/year) were determined via Tafel extrapolation. XRD analysis confirmed the formation
of CoB, Co2B, and W,CoB, phases in the borided layers. The results demonstrated that boriding temperature critically
impacts corrosion resistance by altering the microstructure and stability of the boride layer. The sample borided at
1000 °C exhibited the best corrosion resistance, with the lowest corrosion rate of 9.09 x 102 mm/year, while the unt-
reated sample showed the highest rate at 3.783 x 10" mm/year. This significant improvement suggests that boriding at
elevated temperatures facilitates the formation of a more compact and chemically.

Keywords: WC-Co, Boriding, Corrosion, Tafel extrapolation, Cold Forming
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Abstract
This study aims to investigate the applicability of the stress pin approach, which generates localized compressive pre-

stress within the die to reduce the maximum principal stresses observed in asymmetric cold-forged forms—particularly
in applications where the geometry is formed by upsetting.

High maximum principal stresses often occur in the die of asymmetric cold-forged parts, significantly limiting die life.
Global shrink fitting is widely used to enhance the compressive pre-stress; however, the achievable shrink-fit level is
restricted by the yield strength of the case material and is typically insufficient for lobular geometries. In this context,
the present study examines the adaptation of stress pins, which generate localized compressive pre-stress in targeted
regions of the die. Abolt with a lobular shaft form featuring more than two lobes was selected as the reference product,
and the methodology was developed based on the principles introduced by Killmann and Merklein [1]. Unlike global sh-

rink-fitting, the stress-pin approach targets only the regions with high stress concentration. These critical zones are first
identified through finite element analysis, after which pins are press-fitted into pockets positioned near the identified
areas. The interference fit of the pins induces localized compressive stresses, which counteract the tensile principal
stresses generated during forming.

The pin diameter, interference level, distance from the forming zone, pin angle and pin quantity were optimized through
iterative die analyses conducted in Simufact Forming. Each design variation was evaluated in terms of the induced comp-
ressive pre-stress, the maximum principal stresses generated during forming, and the stress distribution around the pin
after insertion. The results show that proper optimization of stress pins can enhance local pre-stress levels and reduce
the maximum principal stresses in the die, indicating a positive contribution to die life.

Keywords: Bolt, Stress pin, Cold forming, Die.
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Abstract

This study evaluates the effectiveness of infrared (IR) and induction preheating in the cold forging of 304HC grade stain-
less steel hexagonal nuts (DIN 934, sizes M8 and M10). The primary objective is to investigate the effects of preheating
method and applied temperature on material formability, tool life, and surface quality. Preheating is particularly critical
in cold forming of austenitic stainless steels, which exhibit high strain-hardening behavior and limited formability at
room temperature.

The experiments were conducted on multi-station cold forging presses using @11.75 mm and @16 mm 304HC stainless
steel wire rods for M8 and M10 nuts, respectively, under real industrial conditions. All process parameters, including die
performance, forging loads, and part hardness, were monitored throughout.

In the IR-based trials, the material was intended to be heated to 250-350 °C, but due to radiative losses and continuous
feeding, actual temperatures reached only ~135-150 °C and dropped to approximately 60 °C by the final forging stati-
on. This insufficient heating resulted in minimal change: forging loads, surface defects, and hardness levels remained
similar to those observed under non-heated conditions. Tool wear and punch breakage also occurred at comparable
rates, indicating limited impact on die longevity. Moreover, the IR system showed low thermal efficiency at industrial
production speeds, leading to substantial energy loss.

In contrast, induction heating was applied in a stepwise manner, with the material preheated to 250, 300, and 350 °C
in successive trials. The increased temperature progressively reduced the material's flow stress and delayed the onset
of strain-induced martensitic transformation, thus preserving the austenitic phase and enhancing ductility. Induction
heating also ensured more uniform thermal distribution, smoother material flow, and a marked reduction in forging loads
and surface cracking. The increase in hardness observed in forged parts was attributed to both plastic deformation and
partial martensitic transformation. Nuts forged under induction preheating showed significantly lower hardening: core
Vickers hardness dropped to ~140 HV and surface hardness to ~250 HV, whereas unheated samples showed ~390 HV
(core) and ~430 HV (surface). Tool life was also notably improved, with single die sets producing approximately 66,000
nuts at 300 °C and 67,000 at 350 °C - a 25-30% increase in productivity relative to IR or no preheating. In addition,
induction heating proved far more energy-efficient by directly delivering heat into the material with minimal losses.

Overall, the study demonstrates that under the tested conditions, induction preheating is a more energy-efficient and
stable solution for cold forging of stainless steels, offering enhanced process reliability, improved part quality, and
extended tool life under high-volume production conditions. Furthermore, a finite element simulation using Simufact
is planned to analyze die stress distribution, billet temperature gradients, and forging load profiles for both heating
methods. These results will support further optimization of the preheating process. Additionally, future work willinclude
microstructural analysis of the forged components to evaluate grain deformation, martensite formation, and the heat-af-
fected zone behavior across different preheating conditions.

Keywaords: cold forging, induction preheating, infrared preheating, stainless steel (304HC)
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